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Abstract

This work presents the results of a numerical investigation of a spray-ejector condenser,
a liquid-driven, two-phase ejector operating as a direct contact condenser in a gas power
plant with negative CO; emission. Computational Fluid Dynamics (CFD) based on the
Finite Volume Method was used to model multiphase, turbulent flow with heat transfer
and condensation occurring in the presence of inert gas. The study aims to develop
a reliable numerical model for investigating thermal—flow phenomena and performance
analysis to ensure efficient steam condensation from exhaust gases. A review of the
current state of ejector technology and available numerical techniques enabled the
formulation of the research hypotheses and the selection of the most suitable modeling
approaches. A steady-state, axisymmetric CFD model was developed using the Euler—
Euler Mixture approach to account for the two-phase, three-component flow. Different
RANS-based turbulence models were investigated, and the Realizable k-¢ model with
two-layer wall treatment was selected. A thermally-driven condensation model was
applied, where the condensation mass flow rate was determined from the local heat
balance. This approach allowed for simulating direct contact condensation of steam in the
presence of CO2. Various types and values of boundary conditions were tested to assess
their influence on model stability and the distribution of key flow and thermal quantities
along the flow path. The impact of key modeling parameters, such as the assumed average
droplet diameter and different assumed Nusselt number values, was investigated to
determine their effect on the predicted condensation intensity. The performance of the
basic geometrical design was assessed using the calibrated CFD model, based on
pressure, temperature, and steam mass flow rate profiles along the flow path, as well as
non-dimensional parameters. The calibrated model agreed well with experimental data,
with deviations of up to 3.7% for suction pressure, outlet temperature, and compression
ratio, and up to 15.6% for expansion ratio, depending on the operating conditions. The
obtained condensation efficiency ranged from 61.6% to 83.9%, which was considered
insufficient. The impact of the selected geometrical parameters of the motive nozzle and
mixing chamber geometry on the performance was investigated to support further model
improvement. A final geometrical design, supported by the developed CFD results and
enabling complete steam condensation, was implemented in a gas power plant with

negative CO; emissions.
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Nomenclature

Roman symbols
a — interaction area density m
a — surface area vector m
b; — element of the residual vector b
b — residual vector of the linear system
cij — element of the coefficient matrix C in row i, column j
C — coefficient matrix of the linear system
C, — specific heat at constant pressure Jkg! K!
C;_4 — empirical coefficients in the Nusselt number correlation
Ce1, Cgp, C,— coefficients in turbulence model equations
CR — compression ratio
d — diameter m
d’— vector of central coefficients for the discretized velocity equation
D — mean strain rate tensor S
E — specific total energy Jkg'!
ER — mass entrainment ratio -
f> — dumping function in turbulence model
fp — body force vector Nm?

fu — dumping function in turbulence eddy viscosity formulation

g —mass flow rate of boiling/condensation per unit volume kg m?3s’!
h — heat transfer coefficient, W m?K!
H — specific total enthalpy m?s?

H,: — specific static enthalpy m? s>

I — unit tensor

J? — flux of the transported scalar property variable
k — turbulent kinetic energy, Jkg!

ko — ambient value of turbulent kinetic energy [1] Tke!

[ — length scale m

L — phase change heat Jkg

m — mass flow rate kgs!
1, — mass flux across the cell face f kgs!

Nu — Nusselt number

p — pressure Pa




Duire — pressure lift Pa

P, — turbulent kinetic energy production term per unit volume W m?
P. — turbulent dissipation production term per unit volume W m?
Pr — Prandtl number
Q — heat transfer per unit volume W m?

Re — Reynolds number

q — heat flux vector W m?

1 — radial position vector in cylindrical coordinates m

Sy — momentum source term per unit volume Nm?

Sg — energy source term per unit volume W m?

S, — turbulent kinetic energy source term per unit volume W m?

Sy — mass source term per unit volume Kgs'm
Sp — volume fraction source term 57!

S¢ — turbulent dissipation source term per unit volume W m?

S, — scalar variable ¢ source term variable

Sc — Schmidt Number

t —time s

T — temperature K

Ts — saturation temperature K

T — viscous stress tensor Pa
Trans — Reynolds stress tensor Pa
u, — friciton velocity ms’!
v — velocity ms’!
v — velocity (vector) ms!
vy — diffusion velocity (vector) ms’!
V — volume m?

x; — element of the unknowns vector x
x —unknowns vector of the linear system
y — wall distance m

y* — non-dimensional wall distance

Greek symbols
a — volume fraction

I' — diffusion coefficient m-s

U — the instantaneous value of a flow variable -



€ — turbulent dissipation rate

&o — the ambient value of turbulent dissipation rate [ 1]

@ — general scalar quantity
71 — condensation efficiency
A — thermal conductivity

u — dynamic viscosity

v — kinematic viscosity

& — expansion ratio

p — density

O — stress tensor

oy, 0. —model coefficients
T — turbulent time scale

T, — large-eddy time scale
T,y — wall shear stress

T — specific time scale

Tgg — stress in circumferential direction
¢ — general scalar quantity

w — under-relaxation factor

Subscripts

¢ — continuous phase
CD3 — third-order central differencing
C0, — carbon dioxide

d — dispersed phase

f —face

FOU — first-order upwind
g —gas

i — phase i

Jj — phase

m — mixture

mot — motive side (liquid inlet)
MUSCL3 — third-order MUSCL scheme
o — value at the cell center

out — ejector outlet (discharge side)

p - particle

Jkg's!
Jkg's!
variable
%
Wm!K!
Pas

1’1’12 S-l

kg m?

Pa

Pa

Pa



s — steam

suc — suction side (gas inlet)

t — turbulent

w — water (liquid)

x — vector of unknows of the linear system

x, y, z— directions in Cartesian coordinate system

z, r, 8 —directions in cylindrical coordinate system

Superscripts

cv — corrected value
n — current iteration/time step

*x — intermediate value

" — fluctuating component

Abbreviations and Acronyms
CCS/CCU — Carbon Capture Storage / Utilization
CD — Central Differencing
CFD — Computational Fluid Dynamics
DCC — Direct Contact Condensation
DNS — Direct Numerical Simulation
FOU - First Order Upwind
FVM - Finite Volume Method
HEM — Homogeneous Equilibrium Model
LES — Large Eddy Simulation
LPL — Low-Pressure Lift
MMP — Mixture Multiphase (model)
MUSCL — Monotonic Upstream-centered Schemes for Conservation Laws
nLPL — new Low-Pressure Lift
NVD — Normalized Variable Diagram
NXP — Nozzle Exit Position
OP — Operating Point
RANS — Reynolds-Averaged Navier—Stokes
RSM — Reynolds Stress Model
SEC — Spray-Ejector Condenser
SOU — Second-Order Upwind
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1. Introduction

Many countries and international organizations, including the European Union, have
adopted the ambitious policy to reduce significantly greenhouse gas emissions. The
overarching goal of the European Union policy is to achieve climate neutrality by 2050,
as outlined formally in the European Green Deal [2]. One of the key intermediate targets
is the “Fit for 55” package, which aims to reduce greenhouse gas emissions by at least
55% by 2030, compared to the 1990 levels. Among anthropogenic greenhouse gases,
carbon dioxide is the most significant contributor [3].

To stimulate sustainable development across the energy, transport, industry, and
agricultural sectors, several regulations and financial mechanisms have been introduced
to accelerate decarbonization. One of the most important is the Emissions Trading
System (EU ETS), which uses market-based instruments to incentivize emission
reductions. The system, based on tradable emission permits with a progressively
declining cap, has generated revenues that have increased sevenfold since 2017 [4]. These
funds are often used for climate-related investments to support the ‘“green transition”
process.

These ecological, political, and economic drivers create a favorable environment for
the development of carbon-free technologies, particularly in the power-generation sector,
which accounts for around 40% of global CO; emissions from fossil fuel combustion [5].
Despite ongoing efforts to develop modern low-emission technologies, global energy-
related CO; emissions increased by 2.5% from 2019 to 2023, reaching a record of 37.4
Gt in 2023 [6,7]. In Poland, where nearly three-quarters of electricity is still generated in
fossil fuel-based power plants, the greenhouse gas emissions from the power sector have
declined by approximately 3% between 2021 and 2022 and by 14% between 2005 and
2022 [8]. Nevertheless, Poland remains among the European Union countries with the
highest CO» emissions per capita.

Energy-related CO> emissions can be reduced through increased reliance on
renewable and nuclear energy sources and by applying CCUS technology (Carbon,
Capture, Utilization and Storage). These systems reduce emissions by capturing CO>
from fossil-fuel power plants and storing it or converting it into useful products [9].
Importantly, The CCUS technology can be applied to existing power plant infrastructure
[10], which is particularly relevant for countries like Poland, where lignite and coal will

remain significant components of the energy mix for years [11].
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Among CCUS methods, gas-based technologies are gaining increasing attention due
to their lower greenhouse gas emissions. In addition, gas combustion produces fewer
pollutants such as NOy, SOx and particulate matter. Combustion in an oxygen-enriched
atmosphere enables efficient CO, separation from the exhaust gases. Oxyfuel combustion
is therefore considered a promising CCUS solution, particularly in terms of power
generation efficiency [12].

To separate CO: from exhaust gases, a condensation system is required. Traditional
steam systems employ surface condensers, whereas ejectors are applied to remove non-
condensable gases from turbine condensers [13] or to compress the working fluid using
thermal energy in refrigeration systems. In response to the limitations of surface
condensers, particularly in oxy-fuel applications, direct contact condensers have recently
gained interest and are being developed for integration with such systems. Two-phase
ejectors are particularly promising in this context due to efficient mass, momentum, and
energy exchange, enabling them to function as practical gas—liquid mixers. This research
focuses on the development a two-phase ejector condenser using numerical modeling
techniques. The device is designed to entrain exhaust gases and condense steam, creating

favorable conditions for effective CO- separation in a gas power plant.
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2. State of the art

This chapter provides a comprehensive overview of the current state of development
in ejector technologies, with a particular focus on modeling strategies. It discusses various
research approaches applied to the modeling of ejector operation, ranging from simplified
analytical and numerical methods to advanced CFD simulations, and highlights their
applicability, strengths, and limitations. Special attention is given to modeling two-phase
ejectors, including challenges related to turbulence, multiphase flow, and phase change
mechanisms. Finally, the research gap concerning the modeling and understanding of

phenomena in the liquid-driven, two-phase ejector condenser is identified.

2.1. Investigation of ejector performance

In the literature, ejectors are often referred to as jet pumps, educators, or injectors [ 14—
17]. Due to their simple construction and reliable operation, ejectors are applicable in
various industries, such as refrigeration, chemical processing, and power systems. Most
current research focuses on supercritical ejectors in refrigeration systems, where they
operate as heat compressors, replacing the standard compressors [18-20], or as an
expansion devices that reduce compression work and improve evaporation performance
[21]. To increase energy efficiency and thus decrease fossil fuel consumption, ejector-
based combined power and cooling systems are being developed [22,23], including those
integrated with solar energy [24]. In fossil fuel-based power plants, ejectors are typically
applied for the removal of non-condensable gases and for maintaining a vacuum in the
surface condensers [25]. Although ejectors can also efficiently function as mixers, their
use as direct contact heat exchangers in power systems is rarely considered.

One of the key challenges is the proper design of the ejector, which depends on the
operating conditions and the properties of the working fluid. While fundamental
components such as the suction chamber with motive nozzle, mixing chamber, and
diffuser remain unchanged, recent research increasingly focuses on optimizing these parts
to enhance performance. Studies on the motive nozzle design aim to optimize its shape
and nozzle exit position (NXP) [26] to ensure proper acceleration of the motive fluid and
the creation of a low-pressure zone for effective entrainment. The mixing chamber
diameter should provide sufficient phase mixing while minimizing friction losses.

Therefore, the length and diameter of the mixing chamber are key parameters in
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performance-oriented design studies [27]. Regarding the diffuser, investigations concern
pressure recovery and typically examine its diameter, length and angle.

Appropriate modeling techniques can support ejector geometry development and
performance optimization. Moreover, simulation results can help deepen the
understanding of the relevant thermal-flow mechanisms. Depending on the system’s
complexity and the required level of accuracy, different approaches are used to model
ejector operation, ranging from simple analytical models to advanced numerical

simulations.

2.2. Analytical and numerical models of ejector

The modeling difficulty increases with the complexity of the phenomena, and more
sophisticated computational methods become necessary to achieve accurate predictions.
Ejectors can be categorized according to the growing challenges in modeling as follows:
one-phase ejectors, two-phase ejectors, and two-phase ejectors with phase change
[28,29].

The following approaches can be distinguished in ejector modeling: zero-dimensional
(0D) models, one-dimensional (1D) models, and multidimensional CFD models [30].
Zero-dimensional models treat the object as a single entity, ignoring spatial variations and
focusing on the global parameters. One-dimensional models offer more detailed
descriptions, allowing for variations in flow properties, typically along the flow path.
Both OD/1D models can be analytical or numerical and are based on significant
simplifications compared to multidimensional models, especially regarding turbulence
and interfacial interactions. These models are helpful for initial design and performance
due to their computational efficiency and reasonable accuracy. Multidimensional CFD
models overcome the limitations of O0D/1D approaches but require increased
computational effort and model complexity.

Challenges in modeling one-phase ejectors relate to turbulent flow, working fluid
properties, and possible operation in subsonic and supersonic regimes [31]. The key
phenomena influencing the momentum exchange are turbulence, possible shock
formation, and boundary layer interactions [32]. Zero-dimensional and one-dimensional
models perform well for one-phase ejectors, particularly under on-design conditions.
Schillaci et al. [33] used a 0D model to predict the performance of air ejectors in on- and
off-design conditions. Results were verified against CFD RANS-based simulations. The

model worked well for sonic flow in the nozzle throat but performed poorly when the
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sonic line moved downstream, and the flow became subsonic. Croquet et al. [34]
developed a thermodynamic 1D model to simulate the supersonic air ejector performance
for different operating conditions and determine the basic dimensions. Agreement with
CFD results included a 2% difference in isentropic and mixing efficiencies and a 37%
standard deviation in the entertainment ratio for double choking operation. Kumar et al.
[35] developed a 1D model of the R141b ejector, treating the working fluid as an ideal
gas and introducing the Fanno flow assumption and variable heat capacity ratio. The error
was within 4% for the entertainment ratio compared to experimental results. Marum et al.
[36] developed a 1D model based on the CFD results to calculate the friction loss
coefficient and predict efficiency. The model reproduces the efficiency curve well
compared to the CFD results previously validated against experimental data. Chen et al.
[37] proposed a 1D model to predict gas ejector performance at critical and subcritical
operation modes for different working fluids and geometries. The performance was
calculated with a maximum error of 18% for critical and 20% for subcritical modes. The
zero-dimensional model of the R1233zd(E) one-phase ejector was developed by
Mastrowski et al. [38] in the refrigeration system. Results were validated by experimental
measurements achieving the following relative errors: 4.5%, 7.1%, and 13.7%,
respectively for pressure ratio, mass entrainment ratio, and ejector efficiency.

More advanced methods, such as CFD, are also used to investigate one-phase ejector
operation, both to validate 0D/1D models and gain deeper insight into the complex
turbulence interactions. RANS-based eddy viscosity models dominate turbulence
modeling, especially the SST k- and various k-¢ models. Smierciew et al. [39] applied
axisymmetric and 3D CFD models of gas ejectors coupled with the SST k- model to
conduct the geometrical model design procedure. Results were experimentally validated,
and the axisymmetric model produced results similar to those of the 3D model. Xiao et
al. [40] investigated different turbulent approaches (Standard k-¢, RNG k-¢, Realizable k-
¢ and SST k-w) using the CFD to evaluate their agreement with experimental data for
a supersonic steam ejector. The Realizable k-¢ and the SST k-w were recommended for
further investigation. Hemidi et al. [41] developed CFD model of a one-phase supersonic
air ejector governed by the compressible, steady-state, axisymmetric form of the Navier-
Stokes equations, closed with k-¢ and SST k- turbulence models. In general, the k-¢ was
indicated as better, but the accuracy of modeling strongly depended on the operating

conditions.
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2.3. Modeling of two-phase ejector operation

Modeling of the two-phase ejectors is incomparably more difficult than in the case of
single-phase ejectors. In addition to all the challenges described for single-phase ejectors,
two-phase ejectors introduce additional complexities related to interfacial interactions,
including heat and mass transfer phenomena. Depending on the boundary conditions and
geometrical design, different flow regimes can occur even for the same pair of phases.
Moreover, thermodynamic and transport-related, non-equilibrium effects may arise,
expressed by superheated or subcooled states or differences in temperature or velocity
between phases [42].

Despite the significant complexity of phenomena in two-phase ejectors, advanced
versions of 0D/1D models are widely used due to their robustness and efficiency. Most
research is focused on developing 0D/1D numerical or analytical models describing the
operation of two-phase ejectors working with refrigerants such as CO> (R744). Taleghani
et al. [43] developed a zero-dimensional thermodynamic model of a two-phase R744
ejector based on real fluid properties and dynamic and thermal equilibrium assumptions.
The motive mass flow rate was achieved with 10-15% accuracy. Banasiak et al. [44]
developed a one-dimensional model of an R744 two-phase ejector for expansion work
recovery. Transcritical flow with delayed flashing over the motive nozzle was calculated
using the Delayed Equilibrium Model and homogeneous nucleation theory. The relative
errors were 2.7% and 1.8% on average for pressure lift and critical mass flow rate,
respectively. Simplified 0D/1D models of two-phase ejectors are also commonly used
for modeling their operation with other refrigerants [45,46].

Numerical research on two-phase liquid-driven ejectors remains relatively limited,
creating a notable gap in the field. Wang et al. [47] developed a one-dimensional slug-
flow model for condensing ejectors with liquid and vapor as the primary fluid, considered
separately. The model showed good agreement with experimental results. A one-
dimensional model of a water—steam ejector for use in a high-temperature heat pump
system was proposed by Khass et al. [48]. The pseudofluid approach incorporated
mechanical and thermal non-equilibrium through source terms that account for mass,

momentum, and energy transport.
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2.4. CFD modeling of two-phase ejector

Compared to simplified 0D/1D models, two or three-dimensional CFD simulations
offer enhanced capabilities for capturing the local flow properties and predicting more
realistic fluids behavior. A key advantage of CFD for simulating two-phase ejector
operation is its reduced reliance on empirical correlations. CFD allows accurate capture
of multiphase interactions, turbulent structures, and phase-change processes such as
boiling, condensation, or evaporation.
2.4.1. Turbulence modeling

Applied turbulence models significantly influence predicted ejector efficiency [43].
Similar to one-phase ejectors, the most popular are two-equation eddy viscosity models,
including various modifications of k-¢ and k-w. Palacz et al. [49] applied Realizable k-¢
formulation and the Homogeneous Equilibrium Model (HEM) in a developed 3D CFD
model to evaluate the model's accuracy. The reported error was below 10% for motive
and entrained mass flow rates. A CFD simulation of a CO> two-phase ejector was
presented by Smotka et al. [50] to reproduce compressible, high-speed flow. The RNG &-
¢ model, together with the homogeneous equilibrium approach, was applied. Kandakure
et al. [51] investigated the axisymmetric turbulent flow in the water—air ejector using the
k-¢ model to assess the effect of geometrical and operating parameters on the
hydrodynamic behavior. The Realizable k-¢ model was also implemented by Hassani et
al. [52] in the analysis of a water-jet ejector. Good agreement with experimental data was
achieved, with 11.2% and 7.4% deviations for flow ratio and maximum discharge
pressure, respectively. Haida et al. [53] used a CFD approach incorporating the Realizable
k-¢ turbulence model to investigate the flow behavior in a COz-based two-phase ejector.
The resulting CFD predictions were used as a reference for evaluating a simplified ejector
model. Other CFD-based studies confirm the versatility of the Realizable k-¢ model in
two-phase ejector analysis [54-57].

2.4.2. Multiphase modeling

Two different multiphase modeling approaches can be distinguished in CFD
simulations of two-phase ejectors: the Euler—Lagrange and Euler—Euler. The Euler—
Lagrange approach focuses on tracking individual particles (droplets, bubbles) and
modeling their distribution and interactions [58,59]. In the context of two-phase ejector

simulations, this method is occasionally used for cases involving liquid injection or gas—
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solid flow [60—62], but its high computational cost and increased complexity significantly
limit its application.

The Euler—Euler approach is commonly used due to its balance between accuracy,
computational efficiency, and versatility. All phases are treated as interpenetrating
continua, and the volume fraction concept is introduced to describe the distribution of
each phase within the computational domain. In CFD simulations of the two-phase
ejectors using this approach, two distinct modeling strategies can be identified: the two-
fluid and the pseudofluid. The two-fluid model solves a separate set of conservation
equations for mass, momentum and energy for each phase, allowing for more complex
interactions between the phases. The simplified model treats the phases as a single
pseudo-fluid, and solves governing equations for averaged properties. Although flow is
typically assumed to be homogeneous, additional submodels can be incorporated to
account for transport and thermodynamic non-equilibrium effects such as slip velocity,
surface tension forces, or phase change.

Due to its robustness, sufficient accuracy and low computational cost, the pseudofluid
model has become widely used in numerical studies of two-phase ejectors, particularly in
water—air and air—water applications. Assari et al. [63] applied the steady-state Mixture
and two-fluid Eulerian model to simulate multiphase parallel flow in a water—air ejector.
The difference in flow ratio was approximately 6%, and the pressure distributions
obtained from both models were similar. The Mixture model proved to be more efficient
and presented better agreement with experimental data. Yuan et al. [64] used the Mixture
model with non-equilibrium transport effects to investigate the influence of operating
pressures on the performance of the water—air ejector. Balamurugan et al. [65] developed
a CFD model of air—water ejectors using the Mixture approach to examine
hydrodynamics characteristics across different geometric configurations. The Mixture
modeling approach has been successfully applied in simulations of two-phase ejectors
operating with refrigerants, further confirming its versatility across various fluid systems.
Giacomelli et al. [66] numerically investigated a CO; liquid-driven two-phase flashing
ejector using two pseudofluid approaches: The Homogeneous Equilibrium Model (HEM)
and the Mixture model. Both models treat the phases as compressible and metastable. The
Mixture model predicted the mass-flow rates more accurately, with a 19% error in
entrainment ratio, compared to 48% for the HEM. Zheng et al. [67] developed a CFD

model of a liquid-driven two-phase ejector in which the Mixture model was used to
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simulate the multiphase flow. The primary fluid was liquefied natural gas, and the
secondary fluid was boil-off gas. Kabur et al. [68] modeled CO- two-phase flow in ejector
using the Thermodynamic Equilibrium Model based on the mixture approach. The
reported relative errors in mass flow range from 15.7% to 21.7% for the motive stream
and from 0.1% to 12.4% for the suction stream. CO> two-phase flow in an ejector was
numerically calculated using a non-homogeneous Mixture model combined with
submodels for boiling and cavitation by Yazdani et al. [69]. Lee et al. [70] developed
a CFD model of a two-phase R600a ejector using a homogeneous Mixture approach,
accounting for non-equilibrium compressible flashing flow in the motive nozzle. The
reported relative errors were within 10% for the primary mass flow rate and 16% for the

secondary suction pressure.

2.4.3. Phase change modeling

Accurately capturing phase change dynamics remains a significant challenge for two-
phase ejectors, as these phenomena considerably affect ejector performance. The phase
change process introduces complex interfacial interactions and affects the overall flow
structure. Mass transfer rates in two-phase ejectors are particularly high, especially in the
gas-liquid ejectors where the jet is highly turbulent, and the flow pattern after the mixing
process becomes strongly homogeneous [71-74].

In the multiphase flow through the ejectors, condensation may occur in two distinct
modes: an equilibrium condensation due to contact with a cooling medium and high-
speed non-equilibrium condensation, typically occurring in the convergent-divergent
supersonic nozzle [75-79]. The former, known as direct contact condensation (DCC),
remains especially challenging to describe theoretically and is not yet fully understood
[80].

One commonly used modeling approach is based on a thermally driven concept, in
which the mass transfer is determined by the heat balance between the phases and their
interfaces [81-83]. The accuracy of such models strongly depends on appropriate values
for interfacial parameters, particularly the interfacial area density (for dispersed flow
related to bubble or droplet size) and the heat transfer coefficient, which is often estimated
using the Nusselt number correlations. These thermally driven models have shown good
agreement with experimental data in steam jet condensation simulations [84,85].

CFD studies focusing on condensing ejectors with DCC are scarce. Most are limited

to liquid-driven ejectors operating in subsonic modes. Zhou et al. [86] developed a 3D
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CFD steam—water ejector model using a two-resistance, thermally-driven condensation
model, where the interfacial area density depends on steam volume fraction and bubble
diameter. The maximum relative errors in temperature and pressure predictions compared
to experimental data were 10.5% and 22.0%, respectively. Koirala et al. [87] presented
a CFD model of a water—steam ejector to analyze thermal—flow phenomena with DCC
using the two-fluid Eulerian model coupled with a thermal phase change model. There
was a noticeable difference between the simulation results and the experimental data, as
the relative error in the entrainment ratio ranged from 19% to 68%, depending on the
entrainment pressure. Vieira et al. [88] applied a different approach based on the Lee
model [82], combined with Ranz—Marshall correlation for the Nusselt number [83], in
a 2D axisymmetric simulation of a gas—liquid ejector with DCC. The maximum relative
error for outlet temperature was 6.4% compared to experimental data.

One crucial aspect in CFD modeling of condensing two-phase ejectors is the influence
of inert gas, which substantially impacts the efficiency of the direct contact condensation
process. The number of studies addressing the effect of non-condensable gas on DCC,
particularly in the case of condensation on water droplets, remains very limited [89]. The
negative impact on the condensation heat transfer coefficient has been confirmed
experimentally by Ma et al. [90,91] and computationally by Wang et al. [91]. Mikielewicz
et al. [92] showed analytically that the presence of inert gas weakens the condensation
process. Zhang et al. [93] conducted a numerical study on the influence of the inlet mass
fraction of non-condensable gas on DCC effectiveness in a convergent tube. Increasing
this mass fraction from 0.1 to 0.2 reduced the condensation heat transfer coefficient by as

much as 50%.

2.5. Research gap

The majority of the presented numerical research, including both 0D/1D models and
CFD simulations, focuses on two-phase ejectors operating in gas—gas or gas—liquid
configuration. Most of these studies are related to refrigeration systems, especially CO»-
based cycles, where ejectors function as heat compressors. Numerical research on liquid-
driven, two-phase ejectors is significantly less common than gas-driven systems.
Available investigations mainly address water—gas ejectors used for vacuum generation
in power and chemical industries and thermal desalination systems [46]. The amount of
CFD studies on liquid—gas two-phase ejectors that account for DCC remains very limited.

The role of inert gases in this type of condensation process is not yet fully understood.
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This lack of understanding poses a significant challenge for accurate modeling and
highlights the need for further research.

This research gap indicates that current modeling techniques are not yet fully suited
to accurately simulate liquid-driven two-phase ejectors in the presence of inert gases. The
main challenges concern multiphase flow and phase change modeling, while turbulence
modeling methods are more mature and commonly used across different working fluids.
The accuracy of the Mixture model in predicting the behavior of a two-phase ejector
operating with refrigerants, where the spontaneous condensation occurs, has been
confirmed by both numerical and experimental studies. To the best of the author’s
knowledge, no studies have been conducted on applying the Mixture model to liquid-
driven, water—steam ejectors, where direct contact condensation occurs in the presence of
inert gases. Moreover, research using thermally-driven phase change models has focused
mainly on condensation occurring on the steam jet. The number of publications applying
this group of models to predict ejector performance also remains limited, creating an
opportunity for further research on the condensation process involving non-condensable

gases.
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3. Thesis, aim, and scope of the research

The existing need to develop a two-phase ejector operating as a condenser, supported
by the analysis of current technologies, modeling techniques, and the identified research
gap, provides the foundation for the research hypothesis presented in this chapter.
Scientific aims have been defined to develop a reliable numerical model and to gain
a deeper understanding of the phenomena related to the ejector operation. The scope of
the research is outlined to support the achievement of these objectives. Practical goals are
also presented in reference to the broader project framework within which this study was

conducted.

3.1. Research hypothesis

The formulated hypotheses directly relate to assessing two-phase ejector performance
under various operating conditions and analyzing turbulent, multiphase flow with direct
contact condensation. Due to the identified research gap in CFD modeling of the water-
driven condensing ejectors, the selected multiphase modeling technique will be verified
in terms of its accuracy, robustness, and practical applicability. The hypotheses are as
follows:

1. The developed CFD results for the two-phase ejector condenser, accounting for
steam condensation in the presence of inert gas, enable the analysis of thermal and
flow phenomena and the evaluation of condensation efficiency within the ejector-
condenser system under varying boundary conditions.

2. The application of the Euler—Euler Mixture approach for modeling multiphase
flow with condensation in the presence of inert gas is sufficient and enables
obtaining reliable results when simulating the operation of a two-phase ejector-
condenser.

3. The results of CFD modeling allow for the assessment of the ejector-condenser
system’s performance and the proposal of geometry modifications to ensure
complete condensation of water vapor contained in flue gases after oxy-fuel

combustion.

3.2. Scientific aims of the research

From a scientific point of view, the key objective is to develop a numerical model that
enables both quantitative and qualitative analysis of the phenomena in the two-phase

ejector-condenser. Particular attention is given to a proper understanding of the heat and
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mass transfer mechanisms occurring in the flow through the ejector. The scientific aims

are defined as follows:

1.

Development of a reliable numerical model of a two-phase ejector, considering
turbulent, multiphase flow with heat transfer and condensation phenomena.
Analysis of the condensation in the presence of inert gas using the developed CFD

model based on the Euler-Euler approach.

3.3. Scope of the research

This section outlines the extent of the numerical research focused on modeling

multiphase flow in a two-phase ejector condenser. The study covers multiple aspects of

developing a reliable CFD model, including reviewing the relevant modeling approaches,

formulating the numerical model, analyzing and verifying results. The research includes

the following key aspects:

1.

Review and selection of appropriate modeling techniques suitable for the
simulation of the two-phase ejector condenser.

Development of a two-dimensional axisymmetric CFD model representing
turbulent, multiphase, two-component flow with direct contact condensation,
applied to a basic geometric configuration.

Analysis of the influence of boundary conditions, including their type (specified
as velocity or pressure), magnitude, and inert gas content in exhaust gas mixture,
on the predicted pressure, temperature, and velocity distributions, as well as on
condensation intensity.

Calibration and sensitivity analysis of selected physical and numerical parameters,
including droplet diameter, Nusselt number, turbulence model, and numerical
convection discretization schemes.

Analysis of the results obtained using final model setup under nominal conditions
and comparison with experimental data.

Evaluation of the influence of selected geometrical parameters of the motive
nozzle and mixing chamber on the thermal—-flow performance of the spray-ejector
condenser.

Assessment of the ejector condenser performance for the final geometrical model,

in terms of flow performance and condensation efficiency.
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3.4. Practical aims of the research

The results presented in this thesis were developed within the frame of the project
“Negative CO2 emission gas power plant” co-financed by programme “Applied research”
under the Norwegian Financial Mechanisms 2014-2021 POLNOR CCS 2019, in which
the spray-ejector condenser system is one of the crucial parts. The project aims to develop
an innovative technology, along with a demonstration plant, that enables the use of
sewage sludge for electricity production while achieving a positive environmental impact
[94]. Negative CO; emission is achieved through the synergy between the use of
renewable energy sources (sewage sludge) and CCS/CCU system. The project utilized
various computational approaches to model the operation of the gas power plant under
different scenarios and to design its critical components, including the spray-ejector
condenser. A zero-dimensional thermodynamic analysis of the negative CO, emission
gas power plant using Aspen Plus, Aspen Hysys, and Ebsilon software, enabling
a comparison of results between different tools and providing the input data for a more
detailed analysis of the system’s critical components [95].

Due to the significant role of the ejector condenser in the CO separation system, both
numerical and analytical models, as well as experimental investigations, were carried out
to ensure a comprehensive understanding of multiphase turbulent flow with condensation
in the presence of inert gas. Results obtained from the one-dimensional numerical model
were used to define the basic geometrical model parameters and to provide an initial
estimation of condensation efficiency and compression performance [96].

Computational investigations of thermal and flow processes in the ejector condenser,
alongside the analysis of measurement and experimental techniques, supported
the development of a jet-type flow condenser test rig at AGH University [97,98]. The
experimental setup enabled precise measurements of flow parameters at the inlets and
outlets and detailed monitoring of pressure and temperature along the entire flow path.
Moreover, qualitative flow investigations using optical methods can be carried out on the
setup to identify characteristic flow patterns [99]. The results and observations provided
a basis for validating the CFD model and assessing its accuracy and reliability in
simulating multiphase flow.

The thesis practically aims to develop and apply the CFD model of the ejector

condenser to identify a suitable geometric design that meets the technical requirements
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dictated by the operation of a negative-emission gas power plant. The practical objectives
are as follows:

1. Evaluation of the applicability of the developed CFD model for performance
analysis of the spray-ejector condenser under realistic operating conditions.

2. Investigation of the influence of selected geometrical parameters and operating
conditions on the performance of the ejector condenser to provide input for further
geometry development.

3. Assessment of the feasibility of implementing the developed solution in a gas

power plant with negative CO> emissions.
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4. Spray-ejector condenser

This chapter focuses on the spray-ejector condenser as the research object, for which
a numerical model will be developed. General background information on the operation
of this type of ejector is presented to provide a better understanding. The non-dimensional
parameters describing thermal—flow performance, which will be used in the analysis, are
defined. The role of the ejector-condenser within a negative-emission gas power plant
and its operating environment is also described. Finally, the geometrical parameters of

the developed model are presented.

4.1. General characteristics of the two-phase ejector

Two-phase ejectors are highly diverse devices capable of operating under various
conditions, design configurations, and phase combinations. They can simultaneously
handle liquid and vapor phases, including phase transitions between them. Their ability
to operate across different pressure regimes, including both subsonic and supersonic
flows, enables complex flow behavior and interactions.

Four main phase combinations can be distinguished: liquid—gas, gas—liquid, solid—
gas, and gas—solid. The latter two are typically used for transporting particles, where
a high-pressure gas or liquid acts as a driving medium. Liquid—gas and gas—liquid
ejectors are commonly applied in mixing and compression processes, which often
involve phase change or chemical reactions due to high heat and mass transfer [100].
These configurations can be applied as mixers and condensers in heat and power systems.

In analyzing two-phase ejector performance, several non-dimensional parameters are
employed to evaluate and compare the efficiency under various design and operating
conditions. These parameters provide insight into how effectively the ejector compresses,
entrains, and mixes the working fluids. The most important are compression ratio CR,

pressure lift p;;r;, mass entrainment ratio ER, and expansion ratio ¢. An additional
indicator, condensation efficiency 7, is defined to assess the thermal performance of the
ejector condenser.

The compression ratio CR is defined as the ratio of the outlet (discharge) pressure p,,¢
to the suction (gas inlet) pressure pg,. (Equation (4.1)). It indicates the ability of the
ejector to compress the lower-pressure fluid.

P
CR = o 4.1
psuc ( )
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The pressure lift p;;r, represents the difference between ejector outlet pressure poy;
and the suction pressure pg,,. , as presented in Equation (4.2).

Piii = Pow — Psuc 4.2)

The expansion ratio ¢ is defined as the ratio of motive fluid pressure p,,,¢ to the suction

pressure pg,c, describing how the motive fluid expands as it passes through the ejector

nozzle (Equation (4.3)).

5 — pmot
psuc

The mass entrainment ratio ER is expressed in terms of mass flow rates of the motive

(4.3)

fluid m,,,,; and the entrained fluid on the gas side my,,., according to Equation (4.4). It
provides insight into how effectively the ejector draws the secondary fluid.

i
ER =—2 (4.4)

suc

The condensation efficiency 7 indicates how much steam has been condensed, and is
calculated by comparing the steam mass flow rate at the ejector outlet m,,,; and at the gas

inlet g, ., as presented in Equation (4.5)

7 =(1—Leuy . 100% (4.5)
m

suc

4.2. Ejector-condenser system — the object of the research

The object of the study is the ejector condenser, which is one of the critical
components of a gas power plant with negative CO2 emission [101,102]. The operational
environment of the ejector condenser is illustrated in the process flow diagram of
a negative CO: emission gas cycle in Figure 4.1. The primary function of the ejector is to
entrain the exhaust gas mixture from the turbine outlet and condense the steam contained
in it. Condensation of steam enables carbon dioxide separation in the separator. The
schematic of the ejector is shown in Figure 4.2. Condensation occurs through direct
contact between subcooled motive water and steam in the presence of CO;. The boundary
conditions at the ejector inlet are defined based on the operating parameters of the

negative-emission gas power plant.
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Figure 4.1. Process flow diagram of a negative CO, emission gas cycle. Coxy — Oxygen Compressor; Cryel
— Gas Fuel Compressor; WCC — Wet Combustion Chamber; GT1, GT2 — Gas Turbines; G — Electricity
Generator; EC — Spray-Ejector Condenser (Ejector Condenser); HE1, HE2, HE3, HE4 — Heat exchangers;
P — water pump; Pec — SEC water pump; M — motor; S — separator; Clcoz, C2co2 — CO2 compressors.
[102].
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Figure 4.2. Schematic of the two-phase ejector driven by water, with a mixture of steam and CO; as an
exhaust gas [102].

A schematic view of the ejector with key geometrical parameters is presented in
Figure 4.3, and a 3D model for visualization purposes is shown in Figure 4.4. The specific
dimensions for two geometrical configurations, LPL (Low-Pressure Lift) and nLPL (new
Low-Pressure Lift), are summarised in Table 4.1. The LPL configuration was developed
using zero-dimensional and one-dimensional numerical modeling as part of the
collaborative work within the project framework [102]. This variant was designed to
operate under nominal conditions of the negative-emission gas power plant and ensure
high condensation efficiency and a moderate pressure lift effect. The nLPL represents
a modified version of the LPL geometry, developed to improve overall performance
based on the results and observations obtained from CFD simulations and experimental

observations.
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Figure 4.3. Schematic of the spray-ejector condenser with key geometrical parameters.

Table 4.1. Geometrical parameters of the LPL and nLPL spray-ejector condenser configurations.

Parameter LPL nLPL
DMN_l[mm] 25.4 25.4
DMN_2 [mm] 3.0 3.6
DMN_4[mm] 40.0 40.0
Dpir [mm] 100.0 56.2
Dwvix [mm] 254 29.7
Lwvix [mm] 1050.0 550.0
LMCH [mm] 25.0 25.0
ymn_1[°] 30.0 30.0
ymn_3 [°] 45.0 45.0
Ysn[°] 45.0 45.0
yoir [°] 10.0 10.0

suction inlet

suction chamber o
mixing chamber

motive nozzle

diffuser

Figure 4.4. 3D model of the spray-ejector condenser in the LPL configuration.
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5. Mathematical description of the flow in a two-phase ejector

condenser

Conducting thermal-flow analysis in the spray-ejector condenser requires the
development of a steady-state numerical model that accounts for turbulent, multiphase
flow with condensation. The model should include governing equations capable of
capturing all key physical phenomena. This section presents the integral form of the
conservation equations for mass, momentum, and energy, along with appropriate closure
relations. Particular emphasis is placed on turbulence modeling using the RANS approach
and phase change modeling using thermally-driven models. The meaning of key terms in
the transport equations and the simplifications introduced based on the axisymmetry and

homogeneity assumptions of the mixture model are also discussed.

5.1. Governing equations for CFD modeling
Governing equations for the unsteady flow are formulated as differential equations
representing the conservation laws of mass, momentum (linear), and energy of a moving

fluid ( Equation (5.1), Equation (5.2), and Equation (5.3), respectively):

op

E+V-(pv)=0 (5.1)
%_Fv.(pvv):—v-(pl)-i-V'T-i—f; (52)
a(gtE) —{—V-(pEv):f;,'V+V‘(V'G)_v'q+SE (5.3)

The Finite Volume Method (FVM) transforms the partial differential equations into an
integral form suitable for numerical implementation in CFD modeling. The resulting
integral formulations of the conservation of mass (continuity), momentum, and energy

are presented in Equation (5.4), Equation (5.5), and Equation (5.6), respectively.

%lpdV + g§pv~a’a:}[SM dv (5.4)
gjpvdV + (JSp(vv)-da:—CﬁpI-da + CﬁT-da + jfde + J.sM dv (5.5)
tV A A A \% v

QJ'pEa’V + quHv-da:—cﬁq-da + <ﬁT-vda + J.fb-vdV + J'SEdV (5.6)
Gt,, ) yl A \Y% \
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In the Mixture Multiphase Model (MMP), transport equations for mass, momentum
and energy are computed for the entire mixture using volume-averaged or mass-averaged
mixture properties. The conservation equations of mass, momentum, and energy for phase
i for the Mixture approach are presented respectively in Equation (5.7), Equation (5.8),
and Equation (5.9). The additional term includes the diffusion velocity v,; which
accounts for slip velocity effects and contributes to additional momentum and energy

fluxes resulting from the relative motion between phases.

%lpm dV+£pn1v,n-da=J;SM dv (5.7)

gjpm v, dV + jpm (vmvm)-da:—jpl-da + ITm-da
atV A A A (58)
+ jfde + jst—Zal.pi v, v, -da

v v

%Imem av + I(pn1Hmvm + ZiaipiHivd,i)'daz_Iq'da
v Y/

A

(5.9)
+ [(T,v,)-da+ [ f,-v,-dV + [S.dV
A \Y A\

The phase distribution is determined by solving a separate volume fraction transport

equation for each phase, as presented in Equation (5.10).

0 Dp,
a_tla" dv + .[al.vm- da :i[sﬂi—%#]dm

(5.10)
1
J'LVOQ - da —I—V - (aipivd’[)dV
A Sctpm 4 pi
Equation (5.11) presents the momentum conservation equation in the axisymmetric

formulation of the Mixture model.

2J.,omvm-ra’A + qum (vmvm)-rdS:—CJ-DpI-rds + (]STm-rds
atA o4 o4

04

0 (5.11)

+jA% p—orgg r dA+_[fbdA+£stA
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The components of the mixture velocity vector v,, in cylindrical coordinates z, r, 6 are

given in Equation (5.12).

(5.12)

T
vm:(vm,z’ vm,r’ vm,ﬁ)

Quantities in the Mixture model can be averaged using either volume and mass. The
mixture properties such as density p,,, dynamic viscosity y,,, and thermal conductivity
Ay are volume-averaged using phase volume fractions, as presented in Equation (5.13),

Equation (5.14), and Equation (5.15), respectively.

pm :Zj:lpial_ (5.13)
Moy =200 e, (5.14)
A =D 0 A, (5.15)

In contrast, velocity v, and specific heat capacity C,, ,,, are mass-averaged using phase

volume fractions and densities, as shown in Equation (5.16) and Equation (5.17).

n

1
Cpm:p—z C.ap (5.16)

i=l Pt

1 n
v,=— vap, (5.17)
Pn "

The mixture total enthalpy H,, is determined by adding the kinetic energy term to the
mass-averaged static enthalpy, as presented in Equation (5.18). The total energy E,,
required in the energy equation of the Mixture model (Equation (5.9) is calculated by
subtracting the pressure work term from the total enthalpy, as presented in Equation

(5.19).

2

vm

2
H =H,, + u:pizr_let,iaipi + (5.18)

le
2

E=H - 2 (5.19)

m m
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For the case considered in the study, the conservation equations of mass, momentum,
and energy for an axisymmetric, steady-state Mixture model with a homogeneous
velocity approach and temperature-dependent material properties are presented in
Equation (5.20), Equation (5.21), and Equation (5.22), respectively. In the energy
equation (Equation (5.22)), the source term accounts for the energy release or absorption

associated with the phase change process.
[ p,,-da=0 (5.20)
A

gSpm (vmvm)-rds=—q.>pl-rds + qSTm ‘rds +
04 04 04

| 0 (5.21)
+ [~ Pty |-rda + [ £, a4
Ar 0 A
_[PmHmvm'da:_;[‘Tda + _[(Tm"’m)'da + l(fb-vm)-dV + iSEdV (5.22)

Three phases are considered in the developed model: water, steam, and carbon dioxide.
The volume fraction transport equations of each phase are presented in Equation (5.23),

Equation (5.24), and Equation (5.25).

a 4
a,v, -da=||S, ——*v, -prjdV + | —Va,- da (5.23)
{ i[ "op, { Se.p,
a 4
av,-da=|S, —v, -Vp |dV + | —Va,- da 5.24
£ i( "op £ Sc,p,, 29
a
AoV, da =— o, v, Vp dVv + LVO( - da (525)
'[ “ l(pcoz “ '[SCtpm “

5.2. Turbulent flow modeling using RANS approach

Turbulence models can be generally classified into three categories: Direct numerical
simulations (DNS), Reynolds-Averages Navier-Stokes equations (RANS), and Large
Eddy simulations (LES), as illustrated in Figure 5.1.
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Figure 5.1. Classification of turbulence models used in CFD modeling.

In the DNS approach, the Navier-Stokes equations are solved without any
simplifications, which leads to the resolution of all turbulence scales. As a consequence,
this method requires extremely fine computational grids [103] with the minimum cell size
less than the most minor scales of turbulence [104]. In the LES approach, only large-scale
eddies are directly computed from Navier-Stokes equations, as they contain the most
turbulent kinetic energy. Smaller turbulent structures are filtered out and modeled. The
separation between resolved and modeled eddies depends on the filter width used in the
simulation. Finally, the RANS-based models use the Reynolds decomposition, where
Navier-Stokes equations are time-averaged. This leads to additional nonlinear Reynolds
stress terms, which should be modeled. A comparison of the advantages and
disadvantages of the discussed approaches is presented in Figure 5.2. RANS methods rely
on turbulence modeling techniques, typically involving empirically selected closure
assumptions. They enable the simulation of turbulent flows in complex geometrical
domains at moderate computational cost and with acceptable accuracy. Due to these
benefits, RANS-based models are widely used in engineering applications, including

power engineering, aerospace, and marine industries.
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Figure 5.2. Strengths and weaknesses of the different turbulence modeling strategies.

Reynolds decomposition in RANS approaches is based on the separation of
instantaneous quantities of turbulent flow (such as pressure, velocity, and energy) denoted
by 9, into a steady mean value 9 and a fluctuating component 9’, as expressed in

Equation (5.26).

3(x,y,2,t) = 9 (x,9,2) + §'(x,1,2,1) (5.26)

The governing equations (Equation (5.1), Equation (5.2), Equation (5.3)), after applying
Reynolds decomposition, give the Reynolds-averaged equations representing the
transport of mean mass, momentum and energy transport equations as presented in

Equation (5.27), Equation (5.28), and Equation (5.29), respectively.

P V. ()=
o V=0 (5.27)
a(g?) + V-(p(]_)f)):_v.ﬁl + V'(T—FTRANS) + £ (5.28)
a(gtE) + VA(pEV)=-V-pv + f,v + V-(T+T, s )V -V-q (5.29)

A new term, called Reynolds stress tensor Tg,ys, appears in the momentum and energy
transport equations. These additional stresses arise from fluctuating momentum exchange
between neighbouring stream surfaces, significantly enhancing both heat transfer and
diffusion in turbulent flows. The mathematical formulation of Tg,ys is provided in

Equation (5.30)
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Similar to the DNS method, a direct computation of the Reynolds stress tensor Tguys 1S
possible. Reynolds Stress Model (RSM) solve transport equations for each component of
the tensor, naturally allowing for the inclusion of turbulence anisotropy. More details
about the RSM model can be found in [105].

In the eddy viscosity models, the Reynolds stress tensor Tg,ys is calculated using the
turbulent viscosity concept .. Turbulent eddy viscosity is analogous to molecular
viscosity, but unlike the latter, it is not a physical property of the fluid. Instead, it emerges
from fluid motion and depends on the local turbulence structure at a given point in the
velocity field. The Boussinesq approximation, used to express stress tensor as a function

of mean flow quantities, is presented in Equation (5.31).
2 _
TRANS=2,utD—§(,utV-v)I (5.31)

The most popular RANS eddy-viscosity models solve the additional transport
equations to determine the turbulent viscosity u,. Two-equation models solve equations
for the turbulent kinetic energy k and a second turbulence variable. The most common
are the k-o and k-g, including their various modification. The k- model solves two
transport equations: one for turbulent kinetic energy k and the other for the specific
dissipation rate w. One of the most widely used modifications is the k- SST model,
which combines k-¢ and k- models using a blending function to improve accuracy in
both near-wall and free-shear flows. A detailed description of the k- family of models
can be found in [106].

In the k-¢ model, the turbulent eddy viscosity is determined using Equation (5.32).
The model solves two transport equations: for turbulent kinetic energy & and for turbulent
dissipation rate ¢, as presented for steady-state conditions in Equation (5.33) and Equation

(5.34).
u,=pC, [ .kt (5.32)

k

V-(pk;)=V{(,u+iij} + P — p(s—g)+ S, (5.33)
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Significant improvement over the standard k-¢ model is achieved through its modified
version, known as the Realizable k-¢ model. It can accurately predict complex flow,
including separation, recirculation and adverse pressure gradient. The modifications
introduced in the turbulent dissipation rate transport equation are derived from the
dynamic equation of the mean-square vorticity fluctuation [107]. The realizability
condition of the model is enforced by relating the critical coefficient of the model C, to
the mean strain rate. In Simcenter Star-CCM+ software, the model is implemented
through the dumping function introduced in Equation (5.32) and Equation (5.34), taking
the value 1 in the standard k-¢ model. In the Realizable k-¢ formulation, the dumping
function for the turbulent dissipation rate transport equation f, is defined by Equation
(5.35). The dumping function for the turbulent eddy viscosity f, is more complex and can

be found in [108].

k

/> :k+«/vg

Calculating the viscous-affected layer using the k-¢ models is possible by applying a two-

(5.35)

layer approach. The turbulent kinetic energy equation is solved throughout the entire
computational domain, whereas the turbulent dissipation rate € is specified as a function
of the wall distance in the near-wall region, as presented in Equation (5.36). The blended
smooth transition is applied between values to the wall and those farther away. More
details on the implementation of the two-layer formulation within the two-equation model

can be found in [109].

k3/2
Ty

&

£ (5.36)

5.3. Modeling of the phase change

Thermally driven models' interfacial mass transfer prediction is based solely on the
heat transfer calculations between the liquid and vapor phases to a saturated interface.
The resulting energy balance determines the heat available for the phase change process,
which is driven by thermal diffusion rather than concentration gradients. The
boiling/condensation model, implemented in Simcenter STAR-CCM+, follows this

thermally driven concept and operates within the mixture multiphase framework. The
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local thermal imbalance between the bulk mixture temperature and the saturation
temperature governs the rate of phase change. The total mass rate of boiling/condensation

gY between phases i and j is determined from the sum of the heat fluxes transferred from
the phases Qi(ij ) and Q](.ij ) to the interface, related to the latent heat of phase change L;;

according to the Equation (5.37):

(if) (i)
g""=—Q" L+ 2 (5.37)

y
Heat fluxes Ql.(ij ) and Qj(.ij ) between the phases and interface in the boiling/condensation

model based on the mixture approach are expressed in Equation (5.38) and Equation

(5.39).

Qj’” — p afjl” (T, - T) (5.38)

Q,(-ij) _ h](."f)ajj"f" (T, - T) (5.39)

The appropriate calculation of the heat transfer fluxes requires well-defined interfacial
area density, which defines the effective phase interface area per unit volume and
significantly influences the intensity of the phase change process. Phase interface depends
on the flow regime and phase topology, but practically, it is estimated using simplified
empirical models, e.g., assuming idealized particle geometry like “Spherical particle
model” or “symmetric model” [110].

The temperature gradient (Tsq, — T;) and the interfacial area density af” , which
appear in the expressions for the heat fluxes @’ and Q](.”) (Equation (5.38) and Equation
(5.39)) are identical in the homogeneous approach, where the bulk temperature of the
mixture is assumed. These expressions differ only in the heat transfer coefficient h, which
depends on the physical properties of the fluid and the definition of the Nusselt number.
These equations used to calculate the heat transfer coefficient for phase i and j are
presented in Equation (5.40) and Equation (5.41). It it worth noting that Nusslet number
is defined separately for each phase, e.g., individually for contionus and dispersed phases.

A, Nu,
L

g

h? = (5.40)
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L) (5.41)

J
i

One of the critical parameters is the interaction length scale [, which is usually related
to the averaged droplet or bubble diameter d,,. It is determined by nozzle geometry,
operating conditions, fluids properties, particularly pressure, viscosity, and specific
gravity [111].

The Nusselt Number can determined using various methods, and the appropriate
correlation for the multiphase flow depends on the flow pattern. For example, in stratified
flows, the Hughes-Duffey correlation is used, where the condensation mass transfer is
predicted based on turbulent properties using the surface renewal theory [112,113]. For
the flows with dispersed—continuous flow regime (i.e. droplet- or bubble-laden flow), the
Ranz—Marshall correlation is typically applied [114]. Based on boundary layer theory,
this correlation describes convective heat transfer between a particle and the surrounding
fluid (Equation (5.42)). It incorporates the particle Reynolds Number Re,, and the Prandtl
number of the surrounding fluid (continuous phase) Pr., defined in Equation (5.43) and
Equation (5.44), respectively. The Nusselt number coefficients C;_, which appear in
Equation (5.42) and were proposed initially by Ranz and Marshall can be tunned to reflect
specific thermal-flow conditions. In case of water droplets, these coefficients have been

refined by various authors [115-117].

Nu=C +C, Re? Prf4 (5.42)
Re = M (5.43)

p /uc
P = 2 fl’c (5.44)
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6. Discretization of the flow domain using the Finite Volume

Method

The Finite Volume Method (FVM) is the numerical approach for solving partial
differential equations describing fluid flow and heat transfer. It transforms these equations
into a system of linear algebraic equations through a discretization procedure. The
computational domain is subdivided into a finite number of non-overlapping, small
control volumes, within which the integral form of the governing equations is applied in
a discrete form. The main advantage of FVM is its ability to handle arbitrary geometries
using unstructured and structured meshes, making it particularly suitable for industrial
applications. The chapter presents the fundamental concepts and procedures for
discretizing the computational domain using FVM, including selecting control volumes,
developing the numerical mesh, and applying discretization schemes. The solution
strategy is also introduced by presenting the pressure—velocity coupling algorithms and

techniques commonly used for solving the resulting systems of algebraic equations.

6.1. Definition of control volume and development of mesh

FVM focuses on local balances within each control volume rather than the entire
continuum. The flexibility in shaping these control volumes allows for the easy
generation of appropriate equations that determine the nodal values of the sought
function. Depending on the selection of the control volume, two distinct approaches can
be identified within the finite volume method:

- the control volume created around the grid node (vertex-centered approach)

- the control volume equivalent to the grid cell (cell-centered approach)
Examples of control volume definition using cell-centered (marked as 1) and vertex-
centered (marked as 0) methods for both structural and unstructural meshes are presented
in Figure 6.1. In the vertex-centered approach, control volumes are formed by connecting
the centroids of cells that share a common node. The unknowns are stored at the vertices
of the mesh. This approach works well on a structured mesh, offering high accuracy but
less flexibility in handling complex geometries. In the cell-centered method, cells directly
serve as control volumes, and the solution is stored at the centers of the cells. The fluxes
of flow quantities are computed at the cell faces. The method is computationally efficient
and performs well even on highly unstructured meshes, which is why it is widely used in

commercial CFD software.
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Structured mesh Unstructured mesh

Figure 6.1. Two methods of defining control volume: vertex-centered (0) and cell-centered (1),
depending on the mesh type (structured and unstructured).

The validity of the prepared mesh determines whether a converged and physically

meaningful solution can be obtained. Beyond the physics of the process, several factors

can influence the mesh validity:

mesh quality,

- type of solver (coupled or segregated),
- under-relaxation factors,

- discretization scheme.

Mesh quality significantly impacts the convergence, stability, and, most importantly,
the accuracy of the numerical solution. The mesh should be refined in high-gradient
regions and provide a smooth transition between refined and coarse areas. To accurately
calculate the convective and diffusive fluxes, the line connecting the centroids of
neighboring cells should ideally pass near the centroid of the shared face and be
approximately orthogonal to it. Additionally, layers near the walls require special
attention, especially in regions with significant turbulence or heat transfer effects.

The non-dimensional wall distance y* represents the distance y from the wall to the
center of the first mesh cell, relative to the viscous length defined by the friction velocity
u* and kinematic viscosity v (Equation (6.1)).

yr = U (6.1)
1 %4

The friction velocity u, is determined using wall shear stress t,, and the density of the

fluid p according to Equation (6.2).
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u = B (6.2)
Yo

The desirable value of the y*parameter depends on the near-wall treatment strategy,
specifically whether the viscous sublayer is resolved or modeled. For the Realizable k-¢
model with the two-layer approach, accurate near-wall prediction requires y* < 1, while
the standard wall functions can be applied for values of y* > 30, similarly to the k-w
SST model.

In Simcenter STAR-CCM+, the mesh cell quality can be evaluated using various
indicators. The two most versatile are face validity and volume change. Face validity
measures the correctness of the face normal relative to the attached cell centroid using
an area-weighted approach. Ideally, face normals should point outward from the cell.
A face validity of 1 indicates that all face normals are correctly oriented. If one or more
face normals point inwards (towards the cell centroid), the cell is considered bad, as
indicated by a face validity below 1. Based on face validity, a comparison between valid
and invalid cells is presented in Figure 6.2. A face validity below 0.5 indicates a negative
volume cell. Poor face validity can lead to convergence difficulties and numerical

diffusion errors.

Good cell Bad cell

Figure 6.2. Face validity concept: good cell vs bad cell.
The volume change is also a key parameter used to evaluate the quality of the
computational mesh. It measures the ratio between a cell’s volume and the volume of its
largest neighboring cell. The concept of volume change is presented in Figure 6.3,

comparing the mesh structures for good and bad cells. When a cell has a volume equal to
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or greater than its neighbors, the volume change value is 1. Cell volume should vary
smoothly and gradually across the mesh to ensure accurate interpolation of flow variables.
A volume change below 0.01 indicates a strongly disproportionate cell volume compared
to its neighbors. Although moderate variations in mesh volume are essential for
accurately capturing physics in regions with high gradient variations, excessive volume

change can lead to numerical instability and reduced solution accuracy.

Good cell Bad cell

Figure 6.3. Volume change concept: good cell vs bad cell.

6.2. Discretization process

The general integral form of the scalar equation for property ¢ within the control
volume V is presented in Equation (6.3). The equation comprises four essential terms
representing key physical phenomena: temporal variation, convection, diffusion, and
local generation of the transported property. The integral form is derived by integrating
the transport differential equations over a finite control volume and applying Gauss's
divergence theorem. This theorem transforms volume integrals containing divergence
terms into surface integrals, simplifying the computation by evaluating the fluxes across

the control volume instead of computing the divergence over the entire volume.

%}[p(odV + (.!:)pvqo-daz i)FVgo-da + I.[S,pdV (6.3)

Transient term Convective flux  Diffusive flux — Source term
Surface and volume integrals are converted into discrete algebraic equations over
control volumes and their surfaces by applying integration quadrature approximations.
The discretization process of the generic transport equation for two polyhedral cells is
illustrated in Figure 6.4. It highlights the geometric relationships between adjacent cells
that are essential for approximating transport processes and serve as the foundation for

the discretisation approach presented in the section.
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Figure 6.4. Two polyhedral computational cells illustrating the discretization process of a generic
transport equation (xo, X1 — cell centroids, sg, s1 — vectors from centroids to the face centroid, ar— face
area vector).

The surface integrals, which describe transport phenomena arising from diffusion and
convection, are computed using quadrature approximations. According to the second-
order midpoint rule applied in the Simcenter STAR-CCM+, the surface integral is
approximated as a sum of the products over all cell faces, where the value at each face
center is multiplied by its corresponding surface area vector, as shown in Equation (6.4).

The flux, denoted as J?, represents either convective or diffusive transport of the property.

[0 -daxy J¢-a, (6.4)
) |

The volume integral, appearing as the source term in the governing equations
(Equation (6.3)), represents the processes of generation and dissipation of quantities. The
integral is approximated by multiplying the mean value of the source term at the cell
center by the cell volume, as presented in Equation (6.5). The approximation is second-
order for both surface and volume integrals, achieved by the use of area-weighted cell

face centers and volume-centered cell centers, respectively.
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[s,ar~s,, v, (6.5)
)

Application of approximate integration methods from Equation (6.4) and Equation (6.5)
to Equation (6.3) leads to the following form of semi-discrete general transport equation

(Equation (6.6))
%(p(pV)o + Zf[p(p(v-a)]f = zf(FV(/)-a)f +(s, - V)O (6.6)

6.3. Convection discretization schemes
The convective term can be reformulated using the mass flow rate at the face m; and
the fluid property value at the face ¢y, as presented in Equation (6.7). These values can

be calculated using different discretization methods, which significantly affect the

stability and accuracy of the solution.
(gov-a)/. :(m¢)/- =M, (6.7)

The convective flux in a Second-Order Upwind (SOU) numerical scheme is computed

based on the direction of the mass flow rate 1, according to Equation (6.8). The face
values of transported property, @f o and ¢ 1, are obtained by linear interpolation from
the cell center values on either side of the face, using the gradients reconstructed within
the neighboring cells.

m,; for m, 20

(m(o)f B {n’z_/ ?r, for 1, <0 (6.8)

In the Hybrid MUSCL third-order/CD scheme, the convective flux is computed using y,
obtained from the Normalized Variable Diagram (NVD), as presented in Equation (6.9).
In regions of non-smooth flows, the First-Order Upwind (FOU) scheme is applied, using
the reconstructed value @roy. For smooth flow conditions, a blended scheme is used,
combining the third-order upwind (¢ yscr3) and third-order central-differencing (¢ cp3).
The blending factor ¢yscr3 determines the relative contribution of MUSCL3 and CD3
based on the physical characeristis of the flow.

(n'1 ¢)) _ m Qroy
/ m 7 (Cvwsers Puvsers T U= O uuscrs) Peps)  for 0< y <1

for y <0 or y>1
(6.9)
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6.4. Pressure—velocity coupling using segregated solver

Based on the solution strategy for velocity—pressure coupling, the following solvers
can be distinguished: coupled and segregated. A coupled solver simultaneously solves
pressure and velocity fields derived from continuity and momentum equations. Despite
the strong coupling, and thus, the high stability of the solution, the coupled solver can be
overly demanding in terms of memory requirements to deal with practical engineering
problems [118]. The segregated solver solves iteratively the main variables from the
discretized governing equations in a sequential manner. Continuity and momentum
equations are addressed independently, with each solved variable providing an updated
input for the next equation. More time is needed to achieve solution convergence but
the method is computationally economical. Typical application of segregated solver
contains constant density flow, low and mildly compressible flows as well as flow with
large velocity gradients produced by a boundary layer formation [119].

In the segregated-type solvers, the pressure-correction method is typically applied.
This method introduces a pressure—velocity coupling algorithm in which the pressure-
correction equation ensures the mass conservation within the velocity field. The pressure-
correction equation is derived from continuity and momentum equations, enabling the
prediction of the velocity field that satisfies the continuity equation based on the corrected
pressure. Pressure as a variable can be obtained from the pressure-correction equations
for the constant density flow, or directly from the equation of state when the density is
variable [120].

Within the framework of the pressure-correction method, various algorithms have
been developed over the past decades including SIMPLE, SIMPLEC, PISO, CLEAR or
IDEAL. The first three are implemented in the Simcenter STAR-CCM+ software, which
provides users with versatile tools for addressing diverse flow conditions. Only
the SIMPLE algorithm can be applied for steady-state flows and is fully compatible with
multiphase simulation [108].

In the SIMPLE iterative algorithm developed by Patankar and Spalding, convective
fluxes per unit mass through cell faces are computed using initially estimated velocity
components. The momentum equation is then solved with a guessed pressure field,
resulting in an intermediate velocity field v*. Subsequently, the uncorrected mass fluxes

my at cell faces are computed. The pressure correction equation, derived from

the continuity equation, is solved to obtain a pressure correction field p¢?, which is then
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used to update the solution variables. The pressure field is updated iteratively according

to Equation (6.10).

n+l

p=p" +op® (6.10)
The pressure at the boundaries is also updated. Subsequently, the face mass fluxes are
corrected based on Equation (6.11).

s n+l

iy = i+ g (6.11)

The velocity field is updated using Equation (6.12). Finally, the density is
recalculated to account for pressure changes. This iterative process of improving both the
velocity and pressure fields is repeated until the solution reaches the required level of

convergence.

prot =y Y VDT (6.12)

[ 4 v
d()

The under-relaxation factor w in Equation (6.10) significantly influences the numerical
stability and convergence of the solution. It controls the proportion of newly computed
values incorporated in each iteration. Although the given example refers to pressure, the
same principle applies to other key quantities in segregated solvers, such as velocity,
pressure, energy, volume fraction, turbulent kinetic energy, and turbulent dissipation rate.
Setting appropriate relaxation factors is particularly important in discretization schemes
involving convection, which are often connected with strong gradients and complex
interactions between neighboring cells. Optimal values are problem-dependent and are

typically determined through the trial-and-error method.

6.5. Solution of discretized equations using the Algebraic Multigrid
method

After discretizing the governing equations describing fluid flow, a linear system of
algebraic equations must be solved. The system can be expressed in matrix form, as
shown in Equation (6.13), where the coefficient matrix is denoted by C, the vector of

unknowns by x, and the residual vector by b.

Cx=b (6.13)

The Gauss—Seidel method is a point-iterative algorithm, in which the variables are
updated sequentially, one at a time in each iteration, incorporating the most recently

calculated and available values of other variables, as presented in Equation (6.14). The
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row and column indices are represented by i and j, respectively. The dominance of

elements lying on the main diagonal ensures the convergence of this method [121].

o N[ | o, NG o, b (6.14)
D e e N R P :
C

=1\ Gii J=i+l ii Cii

Conventional point-iterative methods require considerable time to achieve convergence.
Multigrid acceleration techniques have been developed to improve the convergence for
large systems arising from highly refined meshes. To understand their operation, two
types of error components should be distinguished: short-wavelength (high-frequency)
and long-wavelength (low-frequency) errors. Point-iterative procedures effectively
reduce short-wavelength errors, while long-wavelength components tend to converge
slowly. Multigrid methods perform computations on a hierarchy of grids with different
resolutions, allowing efficient reduction of both error types. High-frequency errors are
damped on fine grids, whereas low-frequency errors, once transferred to a coarser grid,
appear as high-frequency relative to the new resolution and are also eliminated.

The AMG solver available in SimCenter STARCCM+ follows the multigrid strategy
to accelerate the convergence of linear system solutions. The Gauss—Seidel method is
commonly used as a relaxation scheme to perform smoothing iterations at each level of
the algebraic multigrid hierarchy. Switching between grid levels is typically performed
using a regular pattern, most commonly the V-cycle, illustrated in Figure 6.5 . The cycle
begins with relaxation sweeps on the most refined mesh. The residuals are then
transferred to the next coarser level, where the process is repeated and continues until the
coarsest level is achieved. The estimated error at the coarsest mesh is then used to correct
the solution on the next finer level. Relaxation sweeps are again performed, and the
corrected solution is successively transferred back to finer levels until the original mesh

resolution is restored.
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Figure 6.5. V-cycle in the Algebraic Multigrid method.
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7. Numerical model of multiphase flow with condensation in

the spray-ejector condenser

This chapter presents the development of the numerical model of multiphase flow
with condensation in the spray-ejector condenser, including all assumptions, physical
models, and numerical settings applied in the analysis. The structure follows the logical
sequence of steps, starting with preparing the geometric model and numerical mesh, and
continuing through the specification of boundary conditions, fluid properties, and selected
physical models. Due to the extensive number of simulations, input data and model
parameters are compiled in tables and consistently referenced throughout the appropriate
sections. The theoretical background for the presented models and numerical methods is

provided in Chapters 5 and 6.

7.1. Development of a two-dimensional geometric model

The spray-ejector condenser's axisymmetric geometrical model was developed using
the 3D-CAD module available in Simcenter StarCCM+. The model is developed based
on the dimensions presented in Table 4.1 (page 29). The choice of a two-dimensional
axisymmetric approach for two-phase ejector modeling enabled a reduction in
computational cost while maintaining enough accuracy in capturing key flow phenomena
associated with two-phase ejector operation [39-41,51,88] .

Two geometrical variants of the ejector were analyzed: LPL and nLPL (a refined
version of the LPL). Modifications in the LPL geometry aim to improve pressure
performance and condensation effectiveness by adjusting key design parameters using
numerical methods. Figure 7.1 and Figure 7.2 present views of the suction and mixing

chambers, and the diffuser section of the LPL geometrical model, respectively.

Figure 7.1. Axisymmetric, geometrical model of the spray-ejector condenser - LPL variant, suction and
mixing chambers.

Figure 7.2. Axisymmetric, geometrical model of the spray-ejector condenser - LPL variant, diffuser.
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Different geometrical parameters were varied to investigate their influence on overall
performance: mixing chamber diameter Dy, mixing chamber length Ly, the motive
nozzle diameter Dy ,, outer nozzle diameter Dr;p, and nozzle exit position Ly cy (NXP)
as presented in Figure 7.3. Additionally, a modified configuration of the motive nozzle
was considered, involving the introduction of a secondary nozzle placed directly
downstream of the primary one, at a distance L5 (Figure 7.4). Table 7.1 presents the
specific values of the investigated geometrical parameters. Primary dimensions are
marked in bold. For the mixing chamber diameter, an asterisk (*) indicates that the value
was adjusted by slightly modifying the mixing chamber length. Otherwise, the diameter
was changed by adjusting the outer diameter of the suction chamber. In the mixing

chamber length investigation, the asterisk(*) refers to the case without the diffuser part.
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Figure 7.3. Investigated geometrical parameters (marked in green).
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Figure 7.4. Multi-stage nozzle configuration.

Table 7.1. Tested Geometrical Parameters of the LPL Variant
(Bold — primary dimensions, * — alternative variants)

Parameter Tested Values, mm
Dwmix 20, 20%*, 25, 30, 30*
Lwix 550, 800, 1050, 1050* 1300, 1550
Lycu (NXP) 15, 25, 30
Dwn 2 2.6,2.8,3.0,3.2,3.6
Drip 5,10, 15
Lwvs 15(v2), 25(v1)
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The nLPL geometrical model was developed, and views of the modified suction and
mixing chambers, as well as the diffuser section, are presented in Figure 7.5 and Figure

7.6, respectively.

Figure 7.5. Axisymmetric, geometrical model of the spray-ejector condenser - nLPL variant, suction and
mixing chambers.

Figure 7.6. Axisymmetric, geometrical model of the spray-ejector condenser - nLPL variant, diffuser.

7.2. Development of a mesh

The polygonal mesher available in Simcenter Star-CCM+ was used to generate
numerical meshes for the axisymmetric model of the spray-ejector condenser. Prism
layers were created in the near-wall regions to enable appropriate boundary treatment. In
all considered cases, the mesh was locally refined in the trailing edge region (30% of the
target surface size). The assumed mesh parameters for the developed geometrical models
are summarised in Table 7.2. Mesh quality was evaluated using face validity and volume
change indicators. For all meshes, face validity was equal to 1.0, and the volume change
for nearly all cells ranged between 0.1 and 1.0, indicating good mesh quality. Regarding
the non-dimensional wall distance y*, values ranged from 7.3 to 0.1. However, for
meshes selected for further analysis based on the mesh independence study, y* was below
0.5, allowing accurate near-wall resolution using the Realizable k-¢ model with the two-

layer approach.
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Table 7.2. Mesh properties for the developed geometrical models. The bolded values indicate the mesh
selected based on the mesh independence study for further parametric analysis.

Mesh indicators

Base  Number Inflation layers properties
Analysis Mesh size £ Average
(Section no.) no. ? 0 Number Stretching Total Face Volume wall y+
mm elements ¢ layers factor thickness  validity change
1.0-0.197%
Ml 2.00 14938 3 1.6 40 1 0.1-0.01 3% 7.3
Boundary
conditions 1.0-0.1 98%
(8.1-8.3) M2 1.25 28299 3 1.6 40 1 0.1-0.01 2% 4
M3 0.70 60787 3 1.6 40 1 >0.01 1.7
1.0-0.1 98%
Ml 0.70 60787 3 1.6 40 1 1.7
0.1-0.01 2%
M2 053 174895 3 1.6 40 1 1.0-0.199% 1.4
' ' 0.1-0.01 1% '
Calibration
1.0-0.1 99%
of models M3 0.28 387221 3 1.6 40 1 0.1-0.01 100 0.7
(9.1-9.2) 1-0.011%
1.0-0.1 99%
M4 . 2064 1. 4 1 .
0.08 820643 3 6 0 0.1-0.01 1% 0.3
M35 0.05 1302936 3 1.6 40 1 1.0-0.198% 0.2
' ' 0.1-0.01 2% ’
Performance
analysis and 1.0-0.1 99%
verification - 0.08 820643 3 1.6 40 1 0.1-0.01 1% 0.3
(10.1-10.2)
Analysis of
geometrical } 2064 1 4 1 1.0-0.1 99%
design 0.08 820643 3 .6 0 0.1-0.01 1% 0.3
(11.1-11.5)
1.0-0.1 989
Ml 0.41 80205 3 1.6 40 1 o 33
0.1-0.01 2%
1.0-0.1 98%
M2 0.29 130016 3 1.6 40 1 0.1-0.01 2% 2.4
M3 0.18 208323 3 1.6 40 1 1.0-0.198% 1.3
' ' 0.1-0.01 2% ’
Results for
1.0-0.1 989
the final M4 012 335754 3 1.6 40 1 5 0.6
geometry 0.1-0.01 2%
(12)
1.0-0.1 99%
M5 0.08 537990 3 1.6 40 1 0.1-0.01 1% 0.3
M6 0.05 860784 3 1.6 40 1 1.0-0.199% 0.2
’ ’ 0.1-0.01 1% ’
1.0-0.1 999
M7 0.03 1376335 3 1.6 40 1 o 0.1
0.1-0.01 1%

The meshes with increasing refinement in the suction and mixing chamber regions are

presented in Figure 7.7, Figure 7.8, and Figure 7.9. Among them, Figure 7.9 also

illustrates the final mesh selected for the analysis of the LPL geometrical model. The

corresponding mesh in the diffuser section is presented in Figure 7.10. A view of the mesh

in the suction chamber and the beginning of the mixing chamber, selected for the

performance analysis of nLPL geometrical model, is presented in Figure 7.11.
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Figure 7.7. Mesh M2 applied in boundary conditions analysis (8.1-8.3) - suction chamber and beginning
of the mixing chamber.

Figure 7.8. Mesh M2 applied in Calibration of models analysis (9.1-9.2) - suction chamber and
beginning of the mixing chamber.

Figure 7.9. Mesh M4 selected for the analysis of the LPL geometrical model - suction chamber and
beginning of the mixing chamber.

Figure 7.10. Mesh M4 selected for the analysis of the LPL geometrical model — diffuser.
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¢

Figure 7.11. Developed Mesh (M6) for the analysis of the nLPL geometrical model - suction chamber
and beginning of the mixing chamber.

7.3. Boundary conditions in axisymmetric model of spray-ejector

condenser

The scheme of the boundary conditions applied in the CFD model of the spray-ejector
condenser is presented in Figure 7.12. Mass flow or pressure boundary conditions were
applied at the gas inlet (steam + CO). At the liquid inlet (water), either velocity or
pressure was imposed, depending on the analysis. The outlet was defined as a pressure
outlet. The boundary along the centerline was treated as axial symmetry, while the

remaining surfaces were defined as no-slip walls.

Mass flow / Pressure
Steam, CO,

Pressure Qutlet

) | —)

Velocity / Pressure
Water

Axial symmetry

Remaining boundaries: wall

Figure 7.12. The scheme of boundary conditions applied in the CFD analysis of the spray-ejector
condenser.

Boundary conditions evolved during the numerical model's development as more
experimental and computational data became available. Table 7.3 presents the detailed
values applied in the CFD analysis. In most simulations, the exhaust gas mass flow rate
was assumed to be approximately 10 g/s, with a CO2 mass fraction of 20%, corresponding

to the nominal operating conditions.
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Table 7.3. Boundary conditions details applied in the CFD analysis of the spray-ejector condenser.

Water inlet Gas inlet Outlet
. Section .
Analysis no. Velocity; Massflow; CO, mass
. Temperature Temperature Pressure
Pressure Pressure content
Boundary 0.67 m/s; 10 g/s;
conditions 8.1 12 bar 17.0°C 0.9 bar 150.0°C 20% 1.13 bar
8.2 12 bar 17.0°C 0'8,:):;'90 150.0°C 20% 1.13 bar
83 0.67m/s  17.0°C 1 gg//:’ 150.0°C  20%,0%  1.13bar
Calibration o o
9.1-9.2 0.69 m/s 34.4°C 10.2 g/s 119.4°C 20% 1.01 bar
of models
[} O 0,
Performance 10.1-10.2 0.69 m/s 34.4°C 10.2 g/s 119.4°C 20% 1.01 bar
analysis and (OP1- 0.69 m/s 35.49°C 10.2 g/s 108.29 °C 39% 1.01 bar
ificati OP3
vertieation ) 06smis  3661°C 8.8 g/s 112.8 21% 1.01 bar
Analysis of
geometrical 11.1-11.5 0.69 m/s 34.4°C 10.2 g/s 119.4°C 20% 1.01 bar
design
Results for
the final 12 16 bar 30.0°C 9.88 102.0°C 20% 1.01 bar

geometry

7.4. Fluid properties

The fluid properties of steam and CO> were assumed to be temperature-dependent at
a constant pressure of 1 bar. The properties of steam were derived from the [APWS-97
formulation [122], while those of CO. were based on NIST data [123]. The properties
were implemented using the tabulated data, with the linear-piecewise interpolation
method applied between the data points. Figure 7.13 and Figure 7.14 present the
temperature-dependent density and thermal conductivity of steam and CO., whereas

isobaric heat capacity and dynamic viscosity are shown in Figure 7.15 and Figure 7.16.

1.8 T T T T T 0.030 T
» Steam * Steam
16 -CO: 4 0029 * €Oz ]
14} B . i 0.028| B
Lt T— g E 0.027 B
% 1of ] 2 ozt J
~ = > "
wosk E T o0.025¢ - R
E, _§ _.-
0sf 1 Sooap o ]
0.4 E vomf e - ]
0.2 b 0.022 b
37"0 35:30 3;30 460 4;0 47‘0 430 37‘/’0 3;39 3‘;0 450 4;0 450 430
Temperature, K Temperature, K
Figure 7.13. Density of steam and CO: as Figure 7.14. Thermal conductivity of steam and
a function of temperature at 1 bar pressure. CO: as a function of temperature at 1 bar pressure
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Figure 7.15. Izobaric heat capacity of steam Figure 7.16. Dynamic viscosity of steam and CO2
and CO: as a function of temperature as a function of temperature at 1 bar pressure

at 1 bar pressure.

7.5. Models and submodels applied in the analysis

This section focuses on the specific settings and implementations of the selected
models and sub-models used in the numerical analysis. Each model's configuration has
been tailored to address the complexity of the studied processes to ensure accurate and

computationally efficient simulations.

7.5.1. Multiphase model
The Mixture Multiphase Model (MMP) was applied to calculate the multiphase flow

involving three phases: water, steam, and CO». Fluid mixture properties such as density,
viscosity, and thermal conductivity were determined using volume-averaging, while the
specific heat capacity, enthalpy, and velocity were computed using mass-averaging (as
presented in Section 5.1, page 32). The mixture's turbulent Prandtl and Schmidt numbers
were assumed to be 0.9.

A homogeneous velocity (no-slip) approach was assumed, meaning that all phases
share the same velocity field. The gas phase was considered continuous, while the liquid
water was treated as dispersed. For the interfacial heat fluxes (Equation (5.38) and
Equation (5.39), page 38), the interaction area density between steam (continuous phase)
and water (dispersed phase) was calculated using a symmetric model, which works well

for high particle loading conditions (Equation (7.1)).

_b6a «a,

sw

a
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The interaction length scale for the steam—water interactions lg,,, was assumed to be
equal to the droplet diameter, and a constant value was applied. The range of the
investigated values was estimated based on the outer diameter of the motive nozzle, fluid
properties, and inlet pressure conditions, using the relations and data presented in [124—

126]. The adopted values are summarised in Table 7.4.

Table 7.4. Assumed droplet diameters applied in the CFD analysis of the spray-ejector condenser.

Analysis Section no. Droplet diameter, mm
Boundary conditions 8.1-8.3 1.0
Calibration of 0.4,0.6,0.8,1.0, 1.5,
models 9.1-92 2.5

Performance analysis

and verification R 0.6

Analysis of 111-115 0.6
geometrical design

Results for 12 0.6

the final geometry

7.5.2. Turbulence model

Several turbulence models were investigated in terms of reliability and their influence
on the ejector performance: k-w, k- SST, RSM, and Realizable k-¢. Based on the
literature review and modeling results, the Realizable k-¢ model with the two-layer
approach was selected for the final simulations due to its robustness, consistent predictive
behavior, and numerical stability, as discussed in Section 9.2.2. The Shear Driven
(Wolfstein) model [127] was used for the length scale function in the two-layer
formulation. Wall treatment was set to all y*, allowing the solver to automatically apply
wall functions or near-wall resolution depending on local y* values. The turbulence
model constants were used according to the default settings for the model, as summarized

in Table 7.5.

Table 7.5. Coefficients applied in the Realizable k-¢ model with the two-layer approach.

Coefficient Value
Cy, 0.09
Cep 1.44
Cer 1.9
Oy 1.0
O 1.2
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7.5.3. Phase change model

The thermally driven Boiling/Condensation was employed to simulate direct contact
condensation of steam in the presence of non-condensable gas (COz). The heat transfer
coefficient, calculated separately on the steam and water side (Equation (5.40) and
Equation (5.41) on page 39), is determined primarily by the Nusselt number. The Nusselt
number values used in the CFD analysis of the spray-ejector condenser are summarized
in Table 7.6. The effect of the assumed values on both the steam and water sides on the
simulation results is discussed in Section 9.2.2. Finally, the Ranz—Marshall correlation
extended with the Armenante—Kirwan approach Nu(Re;), was applied on the steam side
to account for the effect of turbulent heat transfer, while a constant value of 2 was used

on the water side representing pure conductive heat transfer.

Table 7.6. Nusselt number values applied in the CFD analysis of the spray-ejector condenser.

Nusselt number

Analysis Section no.
Steam side Water side
Boundary conditions 8.1-8.3 2 2
Calibration of Nu (Rey), 2, 4, 8,
models 9.1-9.2 16, 32, 64 2,4,8,16,32,64
Performanf:e anglysw 10.1-10.2 Nu (Re) )
and verification
Analysis of 11.1-11.5 Nu (Re)) 2
geometrical design
Results for 12 Nu (Re) )

the final geometry

The Ranz—Marshall correlation for the Nusselt number assumes that the relative
velocity governs heat transfer between a particle and the surrounding fluid (Equation
(5.42), page 39). Armenante and Kirwan [128] proposed a modified correlation for water
droplets, suggesting that for small particles the relative velocity is negligible and the heat
transfer occurs mainly due to turbulence. Equation (7.2) presents the modified Ranz-
Marshall correlation based on the Armenante-Kirwan approach, which uses the turbulent

Reynolds number Re; and Prandtl number of continuous phase Prg (steam).

Nu=2+0.6Re)’ Pr’* (7.2)

The turbulent Reynolds number is calculated based on the turbulent dissipation rate &, the
average droplet diameter d,, and the kinematic viscosity of the steam v, according to

Equation (7.3).
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Re, =—%r_ (7.3)
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S

The Prandtl number is determined based on the thermophysical properties of steam, as

presented in Equation (7.4).

(7.4)

To account for the inert gas (CO») effect on the heat transfer coefficient, the correlation
proposed by Borishanskiy et al. [129] was adopted. The presence of CO; reduces the local

heat transfer coefficient h¢o, compared to the reference value without non-condensable
gases h. The reduction is expressed as a function of the CO2 volume fraction aco,,

according to Equation (7.5).

h
2"2 =1-0.25-a1, "’ (7.5)

The influence of CO2 was also incorporated by adjusting the saturation temperature based

on the partial pressure of steam ps, as presented in Equation (7.6).
P, =P Q (7.6)

7.6. Numerical solution

A steady-state formulation was used for all simulations. For pressure—velocity
coupling, the segregated solver was applied due to its suitability for constant-density and
low-compressible flows, combined with favorable computational efficiency. The solution
update was controlled using the SIMPLE algorithm, selected for its compatibility with
the employed multiphase model. A multigrid strategy was employed with an Algebraic
Multigrid (AMG) solver, using the Gauss—Seidel relaxation scheme. Switching between
grid levels was performed using a V-cycle approach.

The order of discretization for convection schemes used in the applied solvers in the
conducted analysis is presented in Table 7.6. Generally, a second-order scheme was used
as the default. However, due to the investigation of applying Hybrid MUSCL Third-
Order/Central Differencing (CD) for flow and energy solvers, as discussed in Section
9.2.3, a third-order scheme was applied for the energy solver. The relaxation factors

used in the analysis are listed in Table 7.8.
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Table 7.7. Discretization order of convection terms used in the simulations.

Convection .
Solver . .. Section no.
discretization scheme
8.1-8.3,9.1-9.2
nd s >
Flow 2" order 10.1-10.2, 11.1-11.5, 12
3" order 9.2.3
Turbulence 2" order all
Multiphase 2™ order all
2" order 8.1-8.3,9.1-9.2,
Energy 3 order 9.1-9.2,10.1-10.2,
11.1-11.5, 12

Table 7.8. Relaxation factors used in the simulations.

Relaxation factor Value
Velocity 0.7
Pressure 0.3

k-¢ Turbulence 0.9

k-¢ Turbulent viscosity 1.0
Volume fraction 0.9
Energy 0.9
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8. The influence of boundary conditions on model reliability

and ejector operation

Correctly specified values at the boundary surfaces are essential for developing
a reliable CFD model. The assumed types of boundary conditions significantly affect the
numerical solution's stability and the accuracy of the obtained results. This section
considers different combinations of pressure and velocity boundary conditions. In
numerical investigations of two-phase ejectors, pressure specification at the boundaries
is more commonly used, as it allows the calculation of velocities and mass flow rates.
However, from the perspective of this study, the key parameter is the resulting pressure
for a given mass flow rate (or velocity), which corresponds to the operating point of the
gas power plant. Additionally, the influence of the assumed suction pressure and the CO>
content in the exhaust gas on the ejector thermal-flow performance was investigated.
An initial mesh independence study was performed to select a mesh suitable for the
investigation. The cross-sectional averaged temperature along the flow path for the
considered meshes Mesh M1-M3 (respectively with 14938, 28299, and 60787 elements)
is presented in Figure 8.1. Notable differences between temperature distributions are
observed in the suction chamber and at the entrance of the mixing chamber. Further
downstream, the discrepancies diminish, and the outlet temperature remains nearly
unchanged for all cases. Based on the observations, Mesh M2 was found to be sufficient

for investigating the impact of boundary conditions on the ejector operation.

36 1 1 1 1 1 1 1 1 1
32 R
O It
° [
3 .
£ 28 II -
® |
o
o
e
(1]
= 24 - -
—=— Mesh M1
20 - —+— Mesh M2|
—4— Mesh M3
T T T T T T T

T T T T T T T T T T
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Length, m

Figure 8.1. Cross-sectional averaged temperature along the flow path for initial meshes (M1-M3).
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8.1. Suction pressure

This section discusses the influence of suction pressure on ejector performance. Table
8.1 presents the assumptions and results for calculating of the basic operating point. The
assumed motive pressure at the water inlet was 12 bar, and the pressure at the gas inlet
was set to 0.9 bar. Under these conditions, 25 g/s of exhaust gases are entrained, and the
steam present in the exhaust gas mixture is fully condensed.

The effect of suction pressure on the entrained gas mass flow rate and the mass-
averaged outlet temperature is presented in Figure 8.2. Higher suction pressure results in
a greater entrained exhaust gas mass flow and a higher outlet temperature. An exhaust
gas mass flow rate of 10 g/s is obtained at a suction pressure of 0.81 bar. The outlet
temperature ranges from 33 °C to 54 °C, depending on the suction pressure and,

consequently, on the amount of entrained gas.

Table 8.1. Results for basic operation mode (0.9 bar at the exhaust gas inlet, bolded — calculated values).

Quantities Water Inlet Exhaust inlet Outlet
Pressure, bar 12.0 0.9 1.1
Velocity, m/s 0.65 12.04 0.60

Temperature, °C 17.0 150.0 54.0
Steam mass flow, g/s 0.0 25.0 0.0
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Figure 8.2. Effect of suction pressure on the entrained gas mass flow rate and mass-averaged outlet
temperature.

Suction pressure significantly affects not only the boundary values but also flow
characteristics along the flow path. The cross-sectional averaged pressure profiles along
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the flow path for different suction pressures are presented in Figure 8.3. Although the
pressure increases along the flow direction in all cases, the rate of this increase varies.
For higher suction pressure, the pressure rise is smoother and more gradual, whereas for

lower suction pressure, it becomes steeper and starts earlier.

12 1 N 1 L | L 1 L 1 " 1 s | L | " 1
1.1 L
5 1.0 + -
o
o
?
& 0.9 =
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o
0.8 1 L
—=— P,=0.90 bar—«— P=0.88 bar —— P=0.86 bar
0.7 -
v P,=0.84 bar P,=0.82 bar P4=0.81 bar
1 ' 1 4 I ' I ' I ' I ! 1 ! 1 ' I
0.0 0.2 04 0.6 0.8 1.0 1.2 1.4 1.6
Length, m
Figure 8.3. The influence of suction pressure on the cross-sectional averaged pressure along the flow
path.

Considering the cross-sectional averaged velocity profiles along the flow path for
different suction pressures (Figure 8.4), it can be observed that higher suction pressure
results in significantly higher peak mixture velocities, which occur at the entrance of the
mixing chamber. This effect is caused by the increased volumetric flow rate of the
entrained exhaust gases. In all considered cases, the outlet mixture velocity remains low,
ranging from approximately 0.2 to 0.5 m/s, which indicates a minimal gas volume fraction
at the ejector outlet.

The effect of suction pressure on the thermal performance of the ejector is illustrated
by the cross-sectional mass-averaged temperature and cross-sectional averaged steam
mass flow along the flow direction, presented in Figure 8.4 and Figure 8.5, respectively.

The mixture temperature throughout the domain generally increases with higher gas inlet
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Figure 8.4. The influence of suction pressure on the cross-sectional averaged velocity
along the flow path.
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along the flow path.
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Figure 8.6. The influence of suction pressure on the cross-sectional averaged steam mass flow
along the flow path.

pressure. Significant differences in outlet temperature are associated with the heat
released due to condensation. The steam mass flow rate chart confirms that steam is fully
condensed in all cases, with a greater total amount of condensed steam observed at higher
suction pressures. However, condensation occurs more rapidly along the flow path at
lower suction pressures, resulting in a faster temperature equalization.

The velocity distribution in the ejector for different gas inlet pressures is presented in
Figure 8.7. Significant radial velocity gradients occur at the entrance of the mixing
chamber, particularly at higher suction pressures. The highest velocity values are
observed for the gas inlet pressure of 0.9 bar. The velocity distribution becomes more
homogeneous as the flow develops along the ejector. Figure A. 1, included in Appendix
A, illustrates the pressure distribution for the analyzed suction pressures.

Temperature variations in the radial direction are also evident in the scalar field for
different gas inlet pressures, as presented in Figure 8.8. At a suction pressure of 0.90 bar,
radial temperature gradients persist over half the mixing chamber length. In contrast, at

0.81 bar, a nearly uniform temperature field forms immediately after the streams meet.
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Figure 8.7. The influence of suction pressure on the velocity distribution in the spray-ejector condenser.
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Figure 8.8. The influence of suction pressure on the temperature distribution in the spray-ejector
condenser.

The impact of the suction pressure on the scalar fields of water and CO2 volume
fractions is presented in Figure 8.9 and Figure 8.10. The water jet region can be identified
in all cases by higher volume fraction values along the axis, particularly at the entrance
to the mixing chamber. The water volume fraction at the outlet varies between 0.1 and
0.3, depending on the suction pressure. This is related to the presence of CO>, as higher
suction pressure results in greater entrainment of the non-condensable gas. The CO»
volume fraction varies significantly in both axial and radial directions. Lower suction

pressure leads to a more rapid increase in CO> concentration due to more intensive
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condensation. The highest CO; concentration, approximately 0.7—0.8, occurs in the

diffuser region.
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Figure 8.9. The influence of suction pressure on the water volume fraction distribution in spray-ejector
condenser.
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Figure 8.10. The influence of suction pressure on the CO; volume fraction distribution in the spray-
ejector condenser.
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8.2. Boundary conditions type

A pressure boundary condition was applied at the outlet to represent the atmospheric
pressure. Four different combinations of inlet boundary conditions were considered in the
analysis to evaluate their impact on ejector operation:

- velocity specified at both the gas and water inlets (Velocity Inlets),

- pressure specified at both inlets (Pressure Inlets),

- velocity specified at the water inlet and pressure specified at the gas inlet (Gas

Pressure Inlet, Water Velocity Inlet),
- velocity specified at the gas inlet and pressure specified at the water inlet (Gas
Velocity Inlet, Water Pressure Inlet).

The impact of the applied boundary conditions type on the cross-sectional averaged
pressure along the flow path is presented in Figure 8.11. The Pressure profiles differ
significantly between the considered cases. When the velocity is specified at the gas inlet,
a rapid pressure increase is observed at the beginning of the mixing chamber. The lowest

suction pressure is obtained when velocity boundary conditions are applied at both inlets.
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Figure 8.11. The influence of assumed boundary condition type on the cross-sectional
averaged pressure along the flow path.

Distinct differences are observed in the cross-sectional velocity pressure along the
flow path, as shown in Figure 8.12. The average velocity at the beginning of the mixing

chamber is several times higher when either pressure or velocity boundary conditions are
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applied at both inlets, indicating substantially higher volume flow rates of both liquid and
gas. Furthermore, when the velocity is specified at the gas inlet, the type of boundary

conditions applied to the water inlet has little influence on the pressure distribution.
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Figure 8.12. The influence of assumed boundary condition type on the cross-sectional
averaged velocity along the flow path

The cross-sectional mass-averaged temperature and the cross-sectional averaged
steam mass flow along the flow path for different types of applied boundary conditions
are presented in Figure 8.13 and Figure 8.14. In cases where velocity is specified at the
gas inlet, the profiles remain nearly identical, and steam is condensed rapidly, as indicated
by both steam mass flow and temperature distributions. When pressure is applied at the
gas inlet, significantly higher entrained steam mass flow rates are observed. In this case,
the steam is fully condensed in the diffuser.

To sum up, the boundary condition applied at the gas inlet has the most significant
impact on the thermal-flow performance of the ejector. Applying velocity boundary
conditions at the gas inlet gives more reasonable and physically consistent results, better
reflecting the expected behavior resulting from the operation of a negative-pressure gas
power plant. Moreover, specifying the velocity at the gas inlet improves the numerical
stability and robustness of the model. Therefore, this approach is recommended for

further investigation.
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Figure 8.13. The influence of assumed boundary condition type on the cross-sectional
mass-averaged temperature along the flow path.
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Figure 8.14. The influence of assumed boundary condition type on the cross-sectional averaged steam
mass flow along the flow path.
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8.3. CO: presence

The presence of CO: in the exhaust gas stream is expected to significantly affect flow
phenomena and overall ejector performance. To compare the resulting flow
characteristics and scalar fields, the case with CO; in the exhaust gas was analyzed
alongside two reference cases with pure steam. In the first reference case, the steam mass
flow was equal to the total mass flow rate of exhaust gas (steam + CO»), whereas in the
second, it corresponded to the steam flow rate from the CO»-containing case.

The influence of CO» presence on the cross-sectional averaged pressure along the flow
path is presented in Figure 8.15. In the pure steam cases, the pressure in the suction
chamber exceeds 0.5 bar, whereas for the CO>—steam mixture, it reaches nearly 0.8 bar.
The pressure increases rapidly at the beginning, followed by an approximately linear rise
toward the outlet. The pressure curves corresponding to the pure steam cases are nearly
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Figure 8.15. The influence of CO, presence on the cross-sectional averaged pressure along the flow path.

identical. The cross-sectional averaged velocity along the flow path for different
configurations of the exhaust gas mass flow rate is presented in Figure 8.16. At the
beginning of the mixing chamber, the highest mixture velocity (approximately 25 m/s) is
observed for case with CO2 and 10 g/s of steam, due to the higher volumetric flow rate of

the exhaust gas. The difference between the cases with and without CO; is most
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pronounced in the mixing chamber and diffuser, where significantly higher mixture

velocity occurs in the CO; case (around 5 m/s compared to 0.3 m/s in the other cases).
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Figure 8.16. The influence of CO; presence on the cross-sectional velocity along the flow path.

The condensation process can be analyzed using the cross-sectional averaged steam
mass flow along the flow path for considered exhaust gas compositions, as shown in

Figure 8.17. Under the given operating conditions, the steam mass flow decreases rapidly
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Figure 8.17. The influence of CO, presence on the cross-sectional averaged steam

mass flow along the flow path.
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at the initial section of the ejector, indicating high condensation intensity in all analyzed
cases. The presence of CO. affects the condensation process, resulting in a slight delay
in the location where condensation begins, compared to the pure steam cases.

The impact of the CO» presence on the temperature scalar field is presented in Figure
8.18. The entire domain exhibits a uniform temperature distribution, except for the
suction chamber and the beginning of the mixing chamber. The average temperature of

exhaust gas with CO; after mixing is lower than in the pure cases.

Exhaust gas: steam (8g) + CO, (29g)

L

Exhaust gas: steam (10g)

Exhaust gas: steam (8g)

—_—

Temperature, °C
17.0 83.5 150.0
|

Figure 8.18. The influence of CO; presence on the temperature distribution in the spray-ejector
condenser.

Figure 8.19 presents the influence of CO; presence on the water volume fraction
distribution in the spray-ejector condenser. A volume fraction equal to 1.0 is observed in
the mixing chamber and diffuser in the pure steam cases, indicating that no steam remains.
In the case of steam—CO» mixture, the same region corresponds to a water volume fraction
of approximately 0.2. Given that steam is fully condensed in all cases, these differences
can be explained by Figure 8.20, which shows the CO> volume fraction field for the
analyzed exhaust gas compositions. In the case with CO2, the volume fraction reaches
approximately 0.8, while in the pure steam cases it is, naturally, zero. The transition from
the initial to the final CO» concentration occurs over a very short distance, similar to other
scalar field distributions. Pressure and velocity distributions for different exhaust gas

compositions are included in the Appendix (Figure A. 2 and Figure A. 3, respectively).
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Figure 8.19. The influence of CO; presence on the water volume fraction distribution in spray-ejector
condenser.
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Figure 8.20. The influence of CO; presence on the CO; volume fraction distribution in spray-ejector
condenser.



9. Calibration of selected model and sub-model properties and

analysis of their impact on thermal-flow characteristics

Developing a reliable CFD model requires defining and selecting multiple models and
parameters, especially when the underlying physical phenomena are complex. While
some parameters marginally influence the solution, others strongly affect the thermal-
flow behavior. This chapter discusses and analyses selected parameters that demonstrated
a significant or interesting influence on the simulation results. The detailed mesh
independence study was conducted based on flow quantities curves and non-dimensional

parameters to establish a consistent foundation for model calibration.

9.1. Mesh independence study

The influence of the mesh refinement on the ejector operation was investigated based
on the non-dimensional ejector performance indicators and pressure, velocity, and
temperature profiles. Meshes M1-M5 with the following number of elements were
considered: 60787, 174895, 387221, 820643, and 1302936. Table 7.2 (page 52) presents
more detailed mesh properties.

Non-dimensional parameter values and outlet temperature as a function of mesh
refinement are presented in Figure 9.1. The corresponding percentage changes with
respect to element count are shown in Table 9.1. The compression and expansion ratios
decrease as the mesh is refined. The mass entrainment ratio remains relatively stable, as
velocity was specified at the inlets, and the observed variation is primarily due to
numerical effects. Outlet temperature increases slightly and then reaches a stable value.
The most considerable compression and expansion ratio variation is observed for meshes
M1-M3, particularly between M2 and M3, where changes range from 10—12%. For finer

meshes, the values stabilize, and the variation in parameter values drops to below 1%.

Table 9.1. Mesh independence test: Change in parameters due to mesh refinement (meshes M1-M5).

Change of parameters

Mesh Number of Element

no. elements ratio M.ass Compression Expansion Outlet
entrainment ratio CR ratio ¢ temperature
ratio ER P

M1 60787 - - - - -

M2 172485 2.84 1.8 4.2 34 0.1

M3 387337 2.25 0.0 11.7 10.2 0.8

M4 820640 2.12 0.0 0.1 0.3 0.0

M5 1302918 1.59 0.0 0.8 0.4 0.1
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Figure 9.1. Mesh independence test: non-dimensional parameter values and outlet temperature
as a function of mesh refinement (meshes M1-M5).

Figure 9.2 presents the cross-sectional averaged pressure along the flow path for
meshes M1-MS5. As the mesh is refined, the pressure in the suction chamber increases.
Meshes M1 and M2 predict significantly lower pressure in the suction chamber compared

to others (0.82 and 0.86 bar, respectively). The pressure profiles for meshes M3—MS5 are
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Figure 9.2. Effect of mesh refinement on the cross-sectional averaged pressure along
the flow path (meshes M1-M5).
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nearly identical. The impact of mesh refinement on the cross-sectional averaged velocity
along the flow path for the considered meshes is presented in Figure 9.3. The maximum
average velocity ranges from 32 to 34 m/s. The most noticeable differences are observed
between meshes M1 and M2, although the variation is relatively small. At the ejector
outlet, the average velocity of the mixture is 0.19 m/s for M1, 1.5 m/s for M2, and
approximately 2.8 m/s for M3-M5.
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Figure 9.3. Effect of mesh refinement on the cross-sectional averaged velocity along
the flow path (meshes M1-M5).

The cross-sectional mass-averaged temperature along the flow path for meshes M1—
MS5 is presented in Figure 9.4. A higher outlet mixture temperature is obtained for the
more refined mesh (51.7°C for meshes M3-MS5, compared to 49.0°C—49.4°C for M1—
M2). Apart from this, the temperature profiles show no significant differences. Slightly
larger fluctuations in the cross-sectional mass-averaged temperature within the diffuser
are observed for finer meshes.

Based on the presented results and observations, and considering computational cost
and numerical stability, Mesh M4 was selected for further analysis. It provides a grid-
independent solution and a good compromise between result convergence and
computational efficiency. Moreover, mesh indicators such as volume change and face

validity (Table 7.2, page 52) confirm that the mesh meets all required quality criteria.
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Figure 9.4. Effect of mesh refinement on the cross-sectional mass-averaged temperature
along the flow path (meshes M1-M5).

9.2. Analysis of submodels and model properties

The droplet diameter and the applied Nusselt number model were analyzed, as they
fundamentally define the model's heat transfer and condensation processes. Various
turbulence models were tested to evaluate differences in overall flow behavior. Finally,
the selected second and third-order numerical schemes for convective terms were applied
and compared. The study identified the parameter values that resulted in the most
physically consistent behavior. These were selected for further research, including
experimental validation and geometrical analysis.

9.2.1. Droplet diameter

Five average droplet diameters were analyzed to assess their influence on thermal—
flow performance: 0.4 mm, 0.6 mm, 1.0 mm, 1.5 mm, and 2.5 mm. The impact of the
droplet diameter on the cross-sectional averaged pressure along the flow path is presented
in Figure 9.5. In all considered cases, the pressure gradually increases in both the mixing
chamber and the diffuser until it reaches the outlet pressure. The droplet diameter
influences the pressure distribution along the flow path. However, the trend is complex
and not straightforward. The lowest and nearly identical pressure values in the suction
chamber (0.96 bar) are observed for droplet diameters of 1.0 and 1.5 mm. The remaining
cases are associated with higher suction chamber pressures.
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Figure 9.5. The influence of droplet diameter on the cross-sectional averaged pressure
along the flow path.

The cross-sectional averaged velocity along the flow path for different droplet
diameters is presented in Figure 9.6. As the droplet diameter decreases, differences in
velocity profiles become more noticeable. Smaller droplets result in a more rapid decrease
in velocity along the flow path. Furthermore, the outlet velocity of the mixture is lower
for finer droplets, reaching 2.1 m/s for 0.4 mm and 4.3 m/s for 2.5 mm.
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Figure 9.6. The influence of droplet diameter on the cross-sectional velocity along the flow path.
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To investigate the influence of assumed droplet diameter on thermal performance, the
cross-sectional mass-averaged temperature and cross-sectional steam mass flow rate
along the flow path are presented in Figure 9.7 and Figure 9.8, respectively. The results
indicate that a smaller droplet diameter leads to a more rapid decrease in steam mass flow
rate along the flow path. Reduced droplet diameter enhances the steam condensation,
which results in higher temperatures due to the heat released during the phase change
process. For a constant motive water volume flow rate, decreasing the droplet diameter
increases the total interfacial area available for heat and mass transfer, intensifying
condensation.

The droplet diameter is a key parameter that strongly affects flow and thermal
phenomena in the spray-ejector condenser. Among the investigated cases, a droplet
diameter of 0.6 mm was considered the most appropriate for the analyzed operating
conditions due to its moderate suction effect, condensation intensity, and stable numerical
behavior.
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Figure 9.7. The influence of droplet diameter on the cross-sectional mass-averaged
temperature along the flow path.
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Figure 9.8. The influence of droplet diameter on the cross-sectional steam mass
flow along the flow path.

9.2.1. Nusselt number

Varying the Nusselt number on either the steam or water side of the phase-change
interface allowed for an analysis of the influence of the applied correlation and its
parameters on the ejector performance. Twelve cases were investigated, including
a reference case with a constant Nusselt Number of Nu = 2 on both sides (steam and
water). In the remaining cases, the Nusselt number was progressively doubled on only
one side (steam or water), resulting in Nu=4, 8, 16, 32, and 64. A Nusselt number
correlation based on a turbulent Reynolds Number, as described in Equation (7.2) (page
58), was also applied on the steam side and evaluated.

The cross-sectional averaged pressure along the flow path for various Nusselt
numbers is presented in Figure 9.9. Since the differences between the cases are relatively
small (less than 1%), the pressure axis was narrowed to illustrate the trends better. The
lowest pressure is observed for the reference case (Nu = 2) and the turbulent Reynolds
number-based correlation. Increasing the Nusselt number on either the steam or water
side raises the pressure profile, with a stronger effect on the water side. Figure 9.10
presents the influence of the Nusselt number on the cross-sectional velocity along the
flow path. The curves for the reference case (Nu = 2) and the turbulent Reynolds number-

based correlation are nearly identical. Increasing the Nusselt number results in lower

81



average velocity along the flow path. Notably, a stronger effect is observed when the
Nusselt number is increased on the water side. In this case, the average outlet velocity
drops to approximately 14.6 m/s for Nu = 64, compared to 25.9 m/s when the same value

is applied on the steam side.
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Figure 9.9. The influence of Nusselt Number on the cross-sectional averaged pressure

along the flow path.
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Figure 9.10. The influence of Nusselt Number on the cross-sectional velocity along the flow path.
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The cross-sectional mass-averaged temperature and steam mass flow along the flow
path for various Nusselt numbers are presented in Figure 9.11 and Figure 9.12,
respectively. As the Nusselt number increases, the average mixture temperature rises, and
the steam mass flow rate decreases along the flow path. This effect results from the
correlation between the Nusselt number and the heat transfer coefficient, which governs
the computed heat flux and, consequently, the condensation mass flow rate. Similarly to
the pressure and velocity curves, a much greater influence on the thermal-flow
performance is associated with the water side.

The results clearly show that the Nusselt number affects the ejector's thermal and flow
performance. Its proper definition is essential for predicting the pressure lift and the
condensation intensity. Assigning the Nusselt number on the steam side appears more
physically justified, as it reduces the risk of overestimating the condensation rate. For
further analysis, the correlation based on the turbulent Reynolds Number defined on the

steam side is considered the most reasonable choice.
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Figure 9.11. The influence of Nusselt Number on the cross-sectional mass-averaged temperature along
the flow path.
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Figure 9.12. The influence of Nusselt Number on the cross-sectional steam mass flow along the flow
path.

9.2.2. Turbulence model

Four RANS-based models were analyzed: Realizable k-¢ (two-layer), k-, k- SST,
and RSM. Figure 9.13 presents the impact of the turbulence model on the cross-sectional
averaged pressure along the flow path. Similar trends in pressure increase are observed
in all cases. The k-w model predicts the lowest pressure in the suction chamber
(approximately 0.97 bar), whereas the highest value (around 1.00 bar) is obtained using
the k- SST model. The Realizable k-¢ and RSM models provide similar predictions, with
suction pressure close to 0.99 bar. The cross-sectional mass-averaged temperature along
the flow path for various turbulence models is shown in Figure 9.14. Slight differences
appear in the mixing chamber, and both inlet and outlet temperatures remain nearly
identical across all cases. This confirms that turbulence modeling has a limited influence
on thermal behavior for the considered operating conditions. Cross-sectional velocity and
steam mass flow profiles showed no visible differences and are included in the Appendix
(Figure B. 1 and Figure B. 2, respectively)

The results indicate that the applied turbulence model primarily affects the pressure
distribution. Although the RSM model, which directly computes the Reynolds stresses,
is theoretically expected to provide the most accurate predictions, the Realizable k-¢ (two-
layer) model produces nearly identical outcomes. Considering its numerical robustness,
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widespread application in two-phase ejector simulations (Section 2.4.1), and consistency

with the present results, the Realizable k-¢ (two-layer) model was selected for further

investigation.
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Figure 9.13. The influence of the turbulence model on the cross-sectional averaged
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9.2.3. Numerical convection schemes

The influence of the discretization scheme for convection terms on the ejector’s
thermal—flow behavior was analyzed by applying a third-order scheme separately for the
flow and temperature solvers. A case with a second-order scheme for all solvers was used
as the reference case. Figure 9.15 presents the impact of the numerical convection scheme
on the cross-sectional averaged pressure along the flow path. While the overall variation
is insignificant, applying a third-order scheme to the flow solver leads to slightly elevated
pressure levels in the suction and mixing chambers. The pressure distribution remains

unchanged when a third-order scheme is applied to the temperature solver.
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Figure 9.15. The influence of the numerical convection scheme on the cross-sectional averaged
pressure along the flow path.

A smoother temperature profile can be observed after applying a third-order scheme for
the temperature solver, as shown in Figure 9.16, which presents the cross-sectional mass-
averaged temperature along the flow path. The outlet temperature is slightly lower for the
third-order convection discretization scheme for the temperature solver (37.1°C
vs. 37.3°C). Since no noticeable differences were observed in the cross-sectional average
velocity and steam mass flow along the flow path, the corresponding figures are provided

in the Appendix (Figure B. 3 and Figure B. 4, respectively).
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Figure 9.16. The influence of the numerical convection scheme on the cross-sectional
mass-averaged temperature along the flow path.

Based on the numerical investigation’s results, and aiming to improve the accuracy of
thermal behavior prediction, a third-order convection scheme was adopted for the
temperature solver. This setup was considered the most appropriate for capturing the
thermal effects in the studied flow conditions while maintaining solution stability and

convergence.
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10. Analysis of the spray-ejector condenser operation

The final modeling results are presented for the developed LPL spray-ejector
condenser operating under conditions representative of a negative-pressure gas power
plant. The numerical model was developed using the final set of sub-models and
parameter settings selected during the preceding stages of analysis. Three operating
scenarios OP1, OP2, and OP3, were considered. They differ mainly in entrained fluid
parameters such as mass flow rates, pressures, phase content, and temperature, as listed
in Table 7.3 (page 55). Operating point OP1 corresponds to nominal conditions. OP2
represents a case with increased CO: mass fraction while maintaining the same total
exhaust gas mass flow rate. In OP3, the total exhaust gas mass flow rate is reduced, with
the CO2 mass fraction unchanged compared to OP1.

The ejector's thermal—flow performance was evaluated using non-dimensional and
dimensional parameters, which were compared against experimental data to verify the
reliability of the developed model. Pressure and temperature distributions along the flow
path were also analyzed and verified against measurements. Particular attention was given
to the condensation process, with condensation efficiency identified as a key thermal

performance parameter ensuring proper operation of the ejector condenser.

10.1. Ejector performance in reference to experimental data

Computational results were validated against data from the experimental direct
contact jet condenser test rig installation developed at AGH University of Science and
Technology as part of the project (Figure 10.1). The facility enables investigation of the
ejector performance under various operating conditions, including boundary conditions,
geometrical designs, and working fluids. A detailed description of the rig and apparatus
is provided in [98]. In the numerical model, pressure and temperature probes were
positioned near the ejector wall (Figure 10.2) following the experimental setup. Their
exact locations are listed in Table 10.1. Pressure and temperature were measured at nine
and eight points along the flow path, respectively.

The pressure and temperature distributions obtained from the experimental
measurements are presented as average values with their extreme deviations. This
approach is justified by the complex nature of direct contact condensation, which is

associated with strong fluctuations in the measured parameters.
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Figure 10.1. Experimental direct contact jet condenser test rig installation
at AGH University of Science and Technology.
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Figure 10.2. Arrangement of measurement probes in the numerical
model, consistent with the experimental setup.

Table 10.1. Detailed locations of the pressure and temperature probes
in the numerical model, consistent with the experimental setup).

Distance from

Probe . Pressure Temperature
number motive nozzle measurement measurement
outlet, mm
1 0 v
2 25 v
3 88 v
4 138 v v
5 213 v v
6 313 v v
7 463 v v
8 663 v
9 913 v
10 1113 v v
11 1338 v v
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The pressure distribution along the flow path obtained from the CFD model and
experimental measurements for OP1 is presented in Figure 10.3. It follows the expected
trend, starting with a sub-atmospheric pressure region in the suction chamber and
continuing with a pressure increase through the mixing chamber towards the outlet. The
overall pressure rise seems to be underestimated compared to the experimental data. The
pressure profile predicted computationally is at or near the boundaries of the experimental
range within the suction chamber and approximately the first half of the mixing chamber.
The pressure computed by CFD in the suction chamber is 0.97 bar, whereas the

experimental values range from 0.90 to 0.97 bar.
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Figure 10.3. Pressure distribution along the flow path obtained from CFD and experimental
measurements for OP1 (exhaust gas mass flow rate: 10.2 g/s, gas temperature: 119.4°C,
CO; mass fraction: 20%).

Figure 10.4 presents the temperature distribution along the flow path for the considered
cases. The CFD model predicts a significant temperature drop up to the middle of the
diffuser, where the temperature stabilizes. It then increases before decreasing near the
outlet, reaching a final value of 54.9°C. The experimentally measured outlet temperature
ranges from 46.6°C to 61.6°C. The most pronounced discrepancies between the
numerical and experimental results appear in the region where the exhaust gas and water
come into contact. The thermal behavior in the mixing chamber is particularly complex,

as confirmed by both computational and experimental observations.
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Figure 10.4. Temperature distribution along the flow path obtained from CFD and experimental
measurements for OP1 (exhaust gas mass flow rate: 10.2 g/s, gas temperature: 119.4°C,
CO; mass fraction: 20%).

The pressure distribution along the flow path derived from computational simulation
and experimental measurements for OP2, in which the CO; mass content in the exhaust
gas is higher, is shown in Figure 10.5. The CFD model predicts a relatively stable pressure
profile in the suction chamber, extending nearly to the midpoint of the mixing chamber.
The calculated pressure in the suction chamber is about 0.95 bar, while the experimental
values range from 0.94 bar to 0.98 bar, with an average of about 0.96 bar. Although the
outlet pressure values differ between the numerical and experimental results, the pressure
rise dynamics in the second half of the mixing chamber and the diffuser appear similar.
The temperature distribution along the flow path obtained from CFD and experimental
measurements for OP2 is presented in Figure 10.6. The computed temperature profile
rises in the final part of the mixing chamber and remains nearly constant in the diffuser,
suggesting that condensation is not very intensive in this section. Good agreement
between numerical and experimental data is observed, particularly in the suction chamber
and diffuser regions. The calculated outlet temperature is 47.8°, while the average value

from measurement is 46.6°C.
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Figure 10.5. Pressure distribution along the flow path obtained from CFD and experimental
measurements for OP2 (exhaust gas mass flow: 10.2 g/s; gas temperature: 108.3°C;
CO; mass content: 39%).
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Figure 10.6. Temperature distribution along the flow path obtained from CFD and experimental
measurements for OP2 (exhaust gas mass flow: 10.2 g/s; gas temperature: 108.3°C;
CO; mass content: 39%).
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The pressure profile obtained from simulation and experimental data for OP3, where
the steam mass flow rate is reduced compared to OP1, is presented in Figure 10.7. The
CFD model predicts a relatively constant pressure (approximately 0.95 bar) in the suction
chamber and at the beginning of the mixing chamber. In contrast, the distribution is more
variable for the experiments and varies between 0.91 and 0.97 bar. The computed
pressure profile is within the range determined during the experiment in this region.

Decreasing the mass flow rate causes the pressure curves to shift toward lower pressure.
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Figure 10.7. Pressure distribution along the flow path obtained from CFD and experimental
measurements for OP3 (exhaust gas mass flow: 8.8 g/s; gas temperature: 112.8°C;
CO; mass content: 21%).

Figure 10.8 presents the temperature distribution along the flow path obtained from CFD
and experimental measurements for OP3. The trend of the computed profile is similar to
that observed for the other operating points. In the case of experimental data, only slight
deviations from the mean values are observed, indicating more stable operating
conditions and less pronounced fluctuations. For OP3, the agreement between CFD and

experimental results can be considered moderate.
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Figure 10.8. Temperature distribution along the flow path obtained from CFD and experimental
measurements for OP3 (exhaust gas mass flow: 8.8 g/s; gas temperature: 112.8°C;
CO; mass content: 21%)

A summary of the ejector performance results is provided in Table 10.2, which
presents the computed values of suction pressure, outlet temperature, and non-
dimensional parameters for all operating points (OP1-OP3), comparing them with the
experimental data. The corresponding relative errors between CFD-predicted and
experimentally determined values are listed in Table 10.3. A moderate suction effect was
achieved, indicated by the suction pressure in the range of 0.95 to 0.97 bar and
a compression ratio between 1.03 and 1.05. The differences between the performance
parameters for the three operating points are relatively small. The experimental results
generally indicate that the CFD model slightly underestimates the performance for OP1
and OP3, and overestimates for OP2.

Good accuracy is achieved for the suction pressure, outlet temperature, and
compression ratio with relative errors below 3.7%. The relative error for the expansion
ratio varies from 12.0% to 15.6%. The mass error is near 0% because the mass flow was
applied as a boundary condition. Due to the variation in agreement across different
parameters, it is difficult to identify which operating point best matches the experimental

data.
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Table 10.2. Summary of CFD and experimental performance parameters for three ejector
operating scenarios (operating points OP1-3).

. Suction Outlet . . Mass
Operating Compression Expansion .
oint pressure temperature ratio CR ratio & entertainment
P Psucs bar Tour, K ratio ER (x107)
OP1 0.97 3283 1.03 13.93 29.52
2
8 oP2 0.95 321.0 1.06 14.20 29.39
OP3 0.95 327.2 1.05 13.92 25.70
. or1 0.95 321.6 1.07 16.49 29.52
E OoP2 0.97 319.7 1.04 16.13 29.43
OP3 0.95 322.7 1.07 16.46 25.70

Table 10.3. The relative error between CFD results and experimental data for performance
parameters for three ejector operating scenarios (operating points OP1-3) .

Relative error, %

Op: (: iant:ng Suction Outlet Compression Expansion en tei\t/irslsmen "
pressure ps.c  temperature ratio CR ratio & ratio ER
OP1 2.2 2.1 3.7 15.6 0.0
OoP2 2.2 0.4 1.9 12.0 0.1
OP3 0.5 1.4 1.9 15.4 0.0

The pressure and temperature distribution along the flow path, together with key
performance parameters, indicate that the developed model successfully reproduces the
expected behavior of a liquid-driven ejector operating in direct contact condensation
mode. The ejector generates the anticipated moderate suction effect under nominal
operating conditions, as well as in cases with the highest CO2 mass content and reduced
exhaust gas flow rate.

Considering the complexity of the physical phenomena, the agreement between the
simulation results and experimental data is reasonably good. For two-phase ejector
models, deviations reported in the literature for mass flow rates, pressure, temperature,
and non-dimensional parameters typically remain within 20% [43,54,68,70,86], although
in cases accounting for phase change, higher deviations have also been observed [66,87].
The level of accuracy achieved by the developed CFD model of the spray-ejector
condenser falls within these ranges. The agreement is considered satisfactory, and the

model can be regarded as reliable for further analysis.
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10.2. Steam condensation efficiency

From the perspective of operating a gas power plant with negative CO» emission, the
ejector’s ability to condense steam from the exhaust gas mixture is crucial. Figure 10.9
presents the cross-sectional averaged steam mass flow along the flow path and the
resulting condensation efficiency for operating points OP1-OP3. A gradual reduction in
steam flow is observed along the ejector, with a more pronounced decline in the diffuser
section. The lowest condensation efficiency (61.6%) occurs under nominal conditions
(OP1), while the highest (83.9%) is observed for OP3, where the exhaust mass flow rate
is reduced. When the CO> mass fraction is doubled (at the expense of steam), the
condensation efficiency increases to 72.8%. Even though the presence of CO> weakens

the condensation intensity, the effect of reduced steam mass flow rate appears to be

dominant.
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Figure 10.9. The cross-sectional steam mass flow along the flow path for different operating
conditions OP1-OP3 (exhaust gas mass flow rate, temperature, CO, mass content).

The distribution of condensation rate for different operating conditions (OP1-OP3) is
presented in Figure 10.10. The highest condensation rates are observed at the interface
between the water jet and the surrounding exhaust gases, indicating that condensation
predominantly occurs in this region. The maximum calculated condensation rate reaches
approximately 100 kg/m?. Significantly lower values are observed for the OP2 case,

which is attributed to the presence of CO,. Figure 10.11 shows the steam volume fraction
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scalar field for OP1-OP3. The steam volume fraction gradually increases within the water
jet region along the length of the ejector. In the diffuser section, the steam volume fraction
fluctuates and decreases considerably near the walls. For OP2, the steam volume fraction
is lower overall due to the increased CO; content, and the decrease of the volume fraction
in the diffuser is more gradual. Additional scalar fields of water and CO: volume fractions
for OP1-OP3 are included in Appendix A (Figure A. 4 and Figure A. 5, respectively).
The determined condensation efficiency ranges from 61.5% to 83.9%, with the lower
value corresponding to the nominal point (OP1). While these results are encouraging,
they remain insufficient to meet the expected performance targets. Therefore, Further
analysis focused on improving the geometrical model is necessary to achieve the desired

thermal performance.

OP1(10.2 g/s, 119.4°C, 20% CO,)

OP3 (8.8 gfs, 112.8°C; 21% CO,)

Condensation rate, kg/m3s
-100 -50 0
o | B |

Figure 10.10. Distribution of condensation rate for different operating conditions OP1-OP3 (exhaust gas
mass flow rate, temperature, CO2 mass content).
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Figure 10.11. Distribution of steam volume fraction for different operating conditions OP1-OP3 (exhaust
gas mass flow rate, temperature, CO2 mass content).
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11. Study of the impact of selected geometric parameters on

the spray-ejector condenser performance

To evaluate the influence of geometry modification on the thermal-flow performance
of the ejector condenser, several key geometrical parameters were varied and analysed:
mixing chamber diameter Dy;;x, mixing chamber length L,,;y, the motive nozzle diameter
Dy 2, outer nozzle diameter Dr;p, nozzle exit position Ly cy. The impact of employing
a modified motive nozzle configuration with a secondary (double) nozzle was evaluated.
Section 7.1 provides a more detailed description of the modification, and the schematic
drawings of the design changes are presented in Figure 7.3 and Figure 7.4. The exact
values of the modified dimensions are listed in Table 7.1 (p. 50).

For each analyzed case, the results are presented as cross-sectionally averaged profiles
of key flow properties along the flow path, complemented by scalar field distributions.
Each section is summarised by a table comparing the overall performance based on

generated suction pressure and non-dimensional performance parameters.

11.1. Analysis of motive nozzle diameter

The investigation concerns the motive nozzle diameter Dy ,, where velocity or
pressure was specified at the water inlet. The analysis was divided into independent parts,
as the imposed boundary condition type significantly influenced both the local field
distributions and the overall trends in performance parameters.
11.1.1. Velocity boundary conditions at the motive inlet

Specifying the constant velocity at the water inlet causes the pressure at the motive
inlet to vary with changes in the nozzle diameter, as shown in Figure 11.1. While for the
basic motive nozzle diameter (3.0 mm), the pressure at the motive inlet is approximately
13.2 bar, varying the diameter results in pressure values ranging from 7 bar to 23 bar.

The cross-sectional averaged pressure along the flow path for different motive nozzle
diameters is presented in Figure 11.2. The nozzle diameter significantly influences the
pressure distribution. Reducing the diameter leads to a decrease in pressure within the
suction chamber. When the nozzle diameter is reduced to 2.6 mm, the suction chamber
pressure reaches approximately 0.9 bar. Increasing the diameter causes the opposite
effect, and for the 3.6 mm diameter, the overall pressure increase is almost entirely

suppressed.
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Figure 11.1. The influence of motive nozzle diameter Dun 2 on the pressure distribution
in motive nozzle (velocity b.c. at the water inlet)
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Figure 11.2. The influence of motive nozzle diameter Dun 2 on the cross-sectional averaged pressure
along the flow path (velocity b.c. at the water inlet).
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Figure 11.3 presents the influence of motive nozzle diameter on the cross-sectional
averaged velocity along the flow path. While the velocity variations are less pronounced
than those observed in the pressure distribution, they are still noticeable, especially at the
diffuser outlet. Both increasing and decreasing the diameter result in lower outlet
velocities. For the basic case 3.0 mm, the outlet velocity is 2.4 m/s, whereas for the 2.6

mm and 3.6 mm diameters, the velocity decreases to 0.76 and 1.37 m/s, respectively.
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Figure 11.3. The influence of motive nozzle diameter Dmn 2 on the cross-sectional averaged velocity
along the flow path (velocity b.c. at the water inlet).

The cross-sectional mass-averaged temperature along the flow path for different
motive nozzle diameters is presented in Figure 11.4. Increasing the motive nozzle
diameter results in lower temperatures in the diffuser region, accompanied by more
substantial fluctuations. Reducing the diameter leads to a higher outlet temperature,
which is associated with more intensive condensation, as shown in Figure 11.5,
presenting the cross-sectional averaged steam mass flow along the flow path for different
motive nozzle diameters. Increasing the nozzle diameter causes the steam mass flow to
decrease slightly faster in the mixing chamber. However, this trend strongly reverses in

the diffuser, resulting in an overall less favorable condensation effect.
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Figure 11.4. The influence of motive nozzle diameter Dyn 2 on the cross-sectional mass-averaged
temperature along the flow path (velocity b.c. at the water inlet).
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Figure 11.5. The influence of motive nozzle diameter Dmn 2 on the cross-sectional averaged steam mass
flow along the flow path (velocity b.c. at the water inlet).

The pressure scalar field for different motive nozzle diameters is presented in Figure
11.6. While the pressure remains nearly uniform in the radial direction within the mixing

chamber in all considered cases, noticeable differences appear in the diffuser region.
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Pressure fluctuations in the radial direction are significantly reduced for the increased

diameter, which may be attributed to a minimal pressure lift effect.
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Figure 11.6. The influence of motive nozzle diameter Dun 2 on the pressure distribution
(velocity b.c. at the water inlet)

Figure 11.7 presents the influence of motive nozzle diameter on the steam volume fraction
distribution for velocity boundary conditions at the water inlet. Lower steam volume
fractions are observed within the water jet region, particularly for larger nozzle diameters.
Moreover, the steam distribution in the diffuser region appears more diffuse for smaller

diameters, which may indicate improved mixing and, consequently, more effective

condensation.
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Figure 11.7. The influence of motive nozzle diameter Dmn 2 on the steam volume fraction distribution
(velocity b.c. at the water inlet)

The effect of motive nozzle diameter on the distribution of velocity, temperature, and
condensation rate under the velocity boundary conditions at the water inlet is provided in

the attachments (Figure A. 6, Figure A. 7, and Figure A. 8, respectively).
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The results of the analysis concerning the influence of the motive nozzle diameter on
ejector performance, with velocity specified at the water inlet, are summarised in Table
11.1. The nozzle diameter significantly affects both the condensation efficiency and the
pressure-related parameters. As the diameter decreases, compression ratio and
condensation efficiency increase, reaching 1.11 and 91.4 %, respectively, for the 2.6 mm
nozzle diameter. Increasing the diameter deteriorates the performance, resulting in
insufficient compression and suction of the exhaust gas, as well as a low condensation

efficiency (56.0%).

Table 11.1. Comparison of the ejector condenser performance based on non-dimensional parameters and
generated suction pressure for various motive nozzle diameters Dy 2 (velocity b.c. at the water inlet)

Nozzle Suction Compression Expansion Mass Condensation
diameter pressure ra t[i)o CR rl; tio & entertainment efficienc 9%
Dvn 2, mm  Psuc, bar ratio ER (x107%) Y %
2.6 0.91 1.11 25.51 29.51 914

2 2.8 0.95 1.06 18.48 29.51 70.9
-‘;; 3.0 0.97 1.03 1391 29.51 62.7
(=]
E 3.2 0.98 1.02 10.87 29.51 58.8
3.6 1.00 1.00 7.13 29.51 56.0

11.1.2. Pressure boundary conditions at the motive inlet

When the pressure at the water inlet is fixed, changing the motive nozzle diameter
results in varying mass flow rates of motive water, as presented in Table 11.2. The mass
flow rate increases with nozzle diameter, and for the 3.6 mm diameter, it reaches almost

twice the value observed for the 2.6 mm.

Table 11.2. The influence of motive nozzle diameter Dvn > on the water mass flow rate for
an assumed constant pressure at the water inlet.

Motive nozzle diameter Mass flow rate of motive water
dm=2.6 mm 0.259 kg/s
dm=2.8 mm 0.301 kg/s
dm=3.0 mm 0.346 kg/s
dm=3.2 mm 0.393 kg/s
dm= 3.6 mm 0.498 kg/s

The cross-sectional averaged pressure along the flow path for the analyzed motive nozzle
diameters is presented in Figure 11.8. When the motive nozzle diameter is reduced, the
pressure in the suction chamber is closer to ambient. For the 2.6 mm diameter, the suction
pressure is approximately 0.98 bar, while for the 3.6 mm diameter, it is about 0.94 bar.
Minor differences in outlet pressure, slightly favoring reduced diameter, are observed,
but they do not significantly affect the overall evaluation due to the pronounced variation

in suction pressure.
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Figure 11.8. The influence of motive nozzle diameter Dun 2 on the cross-sectional averaged pressure
along the flow path (pressure b.c. at the water inlet).

The cross-sectional averaged velocity along the flow path for the analyzed motive
nozzle diameters is presented in Figure 11.9. Under constant pressure at the water inlet,
the motive nozzle diameter does not considerably affect the velocity in the diffuser. In
particular, the outlet velocity values remain nearly the same. The highest average velocity

values for the reduced motive nozzle diameters are observed in the mixing chamber.
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Figure 11.9. The influence of motive nozzle diameter Dmn 2 on the cross-sectional averaged velocity
along the flow path (pressure b.c. at the water inlet).
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The cross-sectional mass-averaged temperature along the flow path for various motive
nozzle diameters is shown in Figure 11.10. Lower temperatures are observed in the
mixing chamber and the diffuser part for the increased diameters. This effect is primarily
due to the higher water mass flow rate than less intensive condensation, which is
confirmed by Figure 11.11 presenting the cross-sectional steam mass flow along the path
for various motive nozzle diameters. Steam mass flow decreases significantly faster for
increased diameter. When the motive nozzle diameters are 3.2 mm and 3.6 mm, the steam
mass flow at the outlet is 1.3 and 2.5 g/s, respectively, while for a basic diameter of 3.0
mm it is 3.1 g/s.
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Figure 11.10. The influence of motive nozzle diameter Dun » on the cross-sectional mass-averaged
temperature along the flow path (pressure b.c. at the water inlet).

The influence of motive nozzle diameter on the pressure distribution is presented in
Figure 11.12. For the reduced diameters, the axial pressure increase is less pronounced.
Additionally, the pressure field in the diffuser becomes more non-uniform, particularly in
the radial direction. Figure 11.13 shows the steam volume fraction field for various
motive nozzle diameters. Although increasing the diameter results in a higher water mass
flow rate, the steam volume fraction within the mixing chamber remains nearly
unchanged. The most noticeable differences occur in the diffuser region, where areas of
high and low steam volume fractions regions are clearly distinguishable. For the reduced

diameters, the steam content in the diffuser is significantly higher.
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Figure 11.11. The influence of motive nozzle diameter Dun » on the cross-sectional averaged steam mass
flow along the flow path (pressure b.c. at the water inlet).
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Figure 11.12. The influence of motive nozzle diameter Dy~ 2 on the pressure distribution (pressure b.c. at
the water inlet).
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The attachments (Figure A. 9, Figure A. 10, and Figure A. 11) illustrate the effect of
motive nozzle diameter on velocity, temperature, and condensation rate distributions
under the pressure boundary conditions at the water inlet.

Non-dimensional performance parameters and generated suction pressure for
different motive nozzle diameters, assuming constant pressure at the water inlet, are
presented in Table 11.3. Increasing the nozzle diameter results in a higher compression
ratio and condensation efficiency, but a reduced mass entrainment ratio. For a 3.6 mm
diameter, the compression ratio is 1.05 at a suction pressure of 0.97 bar, whereas for
a 2.6 mm diameter, it is 1.02 at 0.98 bar. Due to the increased motive nozzle diameter,
condensation efficiency improves significantly, rising by approximately 22 percentage

points compared to the basic configuration.

Table 11.3. Comparison of the ejector condenser performance based on non-dimensional parameters and
generated suction pressure for various motive nozzle diameters Dmn 2 (pressure b.c. at the water inlet).

Nozzle Suction . . Mass .
. Compression Expansion . Condensation
diameter pressure ratio CR ratio & entertainment efficienc 9%
Dvx2,mm  puc bar ratio ER (x107) Y 7
2.6 0.98 1.02 13.76 39.38 49.6
2 2.8 0.98 1.03 13.84 33.94 56.8
I
§ 3.0 0.97 1.03 13.94 29.50 62.5
é 3.2 0.96 1.03 14.03 2593 69.5
3.6 0.95 1.05 14.28 20.49 84.5

11.2. Analysis of outer nozzle diameter

The influence of outer nozzle diameter on the cross-sectional averaged pressure and
steam mass flow along the flow path is presented in Figure 11.14, and Figure 11.15,
respectively. The pressure and steam mass flow distributions are largely unaffected. It
can be concluded that, within the investigated range, the outer nozzle diameter has
a negligible impact on ejector performance. This observation is further supported by the
performance parameters presented in Table 11.4, where no meaningful changes are

observed.

Table 11.4. Comparison of the ejector condenser performance based on non-dimensional parameters and
generated suction pressure for various outer nozzle diameters Drip.

Outer nozzle Suction . . Mass .

. Compression Expansion . Condensation
diameter pressure ratio CR ratio ¢ entertainment efficienc %
Drip, mm Psuc bar ratio ER (x107%) Y 7o

5 0.97 1.03 13.93 29.51 63.2
10 0.97 1.03 13.91 29.51 62.7
15 0.97 1.03 13.95 29.51 63.2
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Figure 11.14. The influence of outer nozzle diameter Dtip on the cross-sectional averaged
pressure along the flow path.

10 1 " 1 L 1 L 1 " 1 1 1 L 1 L 1 1 1
8 L
w
(@)]
2 6 I
[
w
(73]
©
€
g 4 B
©
Q
)
2 L
—=— 5 mm
—e 10 mm|}
—4— 15 mm
O I v I 4 I v 1 1 N I N I N 1

—
0.0 0.2 0.4 0.6 0.8 1.0 1.2 1.4 1.6
Length, m

Figure 11.15. The influence of outer nozzle diameter Drip on the cross-sectional averaged
steam mass flow along the flow path.
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11.3. Analysis of nozzle exit position

The influence of nozzle exit position on the cross-sectional averaged pressure and
steam mass flow along the flow path is presented in Figure 11.16 and Figure 11.17,
respectively. No significant differences are observed in the pressure and steam mass flow

distributions along the flow path under the analyzed operating conditions.
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Figure 11.16. The influence of nozzle exit position Lmcy on the cross-sectional averaged
pressure along the flow path.
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Figure 11.17. The influence of nozzle exit position Lvcu on the cross-sectional averaged
steam mass flow along the flow path.
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A summary in the form of non-dimensional parameters and generated suction pressure
for various nozzle exit positions is presented in Table 11.5. A slight decrease in
compression ratio and condensation efficiency is observed due to the change in nozzle
exit position. However, these differences are minimal and can be considered negligible

within the tested parameter range.

Table 11.5. Comparison of the ejector condenser performance based on non-dimensional parameters and
generated suction pressure for various nozzle exit positions Luich.

Nozzle exit Suction Mass

ooe Compression Expansion . Condensation
position pressure ratio CR ratio & entertainment efficienc %
Lyicir, mm Psuc, bar ratio ER (x107%) Y

15 0.98 1.02 13.08 29.51 58.2

25 0.97 1.03 13.93 29.51 62.7

30 0.98 1.02 13.09 29.51 60.3

11.4. Analysis of nozzle configurations

Cross-sectional averaged pressure along the flow path for various configurations of
the motive nozzle is presented in Figure 11.18. The application of the double-stage nozzle
has a limited impact on the pressure distribution along the flow path. For the configuration
with a longer distance between nozzles (v1), the pressure profile appears flatter, which
may indicate reduced flow performance.
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Figure 11.18. The influence of nozzle configuration on the cross-sectional averaged pressure
along the flow path.
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The influence of nozzle configuration on the cross-sectional averaged velocity along the
flow path is presented in Figure 11.19. The velocity distributions in the suction chamber
and diffuser are nearly identical. A difference in the average velocity for the multi-stage
configuration with a longer distance between nozzles (v1) is observed in the mixing

chamber, but it remains small and does not affect the outlet velocity.
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Figure 11.19. The influence of nozzle configuration on the cross-sectional averaged velocity
along the flow path.

The condensation rate scalar field for various nozzle configurations is presented in
Figure 11.20. Double-nozzle modification causes the condensation process to start earlier,
which is visible through higher condensation rate values occurring in the channel between
the nozzles for both multi-nozzle configurations. The highest condensation rates are
observed for the configuration with a longer distance between nozzles (v1). These values
occur inside the second nozzle, particularly near its inner wall, as well as in the region of
the water jet downstream of the nozzle exit.

Differences in the condensation rate scalar field do not directly affect the overall
performance of the spray-ejector condenser, as confirmed by Table 11.6, which compares
the ejector condenser performance based on non-dimensional parameters and generated
suction pressure for various nozzle configurations. The minor performance differences

further argue against using a multi-stage nozzle in the analyzed configurations.
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Figure 11.20. The influence of nozzle configuration on the condensation rate distribution.

Table 11.6. Comparison of the ejector condenser performance based on non-dimensional parameters and
generated suction pressure for various nozzle configurations.

Nozzle Suction Compression Expansion Mz}ss Condensation
configuration pressure ratio CR ratio ¢ entertainment efficiency #, %
Psuc, bar ratio ER (x107%) ’
Single (basic) 0.97 1.03 13.93 29.51 62.7
Multi-stage 0.98 1.02 13.07 29.51 60.0
nozzle vl
Multi-stage 0.98 1.02 13.05 29.51 59.8
nozzle v2

11.5. Analysis of the mixing chamber length

The cross-sectional averaged pressure along the flow path for various mixing chamber
lengths is presented in Figure 11.21. The mixing chamber length significantly affects the
pressure distribution across all ejector parts. Increasing the mixing chamber length results
in lower pressure generated in the suction chamber and, consequently, a greater pressure
rise along the flow path. Removing the diffuser causes the pressure in the suction chamber
to be close to the ambient level, and the pressure recovery effect is essentially lost.

The influence of mixing chamber length on the cross-sectional averaged velocity
along the flow path is presented in Figure 11.22. Changes in the mixing chamber length
affect the mixture velocity at the diffuser outlet. Despite this, the velocity trends in the
diffuser region remain quite similar, and the outlet velocity values are comparable across

the cases.
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Figure 11.21. The influence of mixing chamber length Lyix on the cross-sectional averaged pressure
along the flow path.
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Figure 11.22. The influence of mixing chamber length Lmix on the cross-sectional averaged
velocity along the flow path.
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The cross-sectional mass-averaged temperature along the flow path for various
mixing chamber lengths is presented in Figure 11.23. Lengthening the mixing chamber
leads to significantly higher outlet temperatures. For a length of 1550 mm, the outlet
temperature reaches 56.5°C, while for 550 mm it is only 49.4°C. The most tremendous
temperature increase occurs in the diffuser, therefore removing the diffuser results in only
a minor temperature rise of the mixture (approximately 1.9°C).
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Figure 11.23. The influence of mixing chamber length Lmix on the cross-sectional mass-averaged
temperature along the flow path.

The impact of mixing chamber diameter on the cross-sectional averaged steam mass
flow along the flow path is presented in Figure 11.24. Reducing the mixing chamber
length shortens the contact time, resulting in a higher steam mass flow rate at the ejector
outlet. Increasing the mixing chamber diameter leads to enhanced steam condensation not
only within the mixing chamber itself, but also further downstream in the diffuser region.

The velocity scalar field for various mixing chamber lengths is presented in Figure
11.25. Lengthening the mixing chamber leads to a more homogenous velocity profile in
the diffuser. A high-velocity region along the axis remains visible in the diffuser for
shorter lengths. Significantly lower velocities in both the water jet and exhaust gas regions

are observed in the configuration without a diffuser.

114



10 1 L 1 " 1 L 1 " 1 L 1 " 1 " 1
1 ~—8—550mm e 800 mm 2 1050 mm*
94 —v 1050 mm 1300 mm 1550 mm | |

Steam mass flow, g/s
(&)}

4_- ‘V\‘ -
5. S '_
5] i
;. i
0 - ——

0.0 0.3 0.6 0.9 1.2 1.5 1.8 2.1

Length, m

Figure 11.24. The influence of mixing chamber diameter Lmix on the cross-sectional averaged
steam mass flow along the flow path.
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Figure 11.25. The influence of mixing chamber length Dyvix on the velocity distribution.

The influence of mixing chamber length on the steam volume fraction distribution is
presented in Figure 11.16. Lower values are observed at both the mixing chamber and
diffuser outlets as the mixing chamber length increases. Moreover, with increased length,
steam volume fraction distribution becomes more dispersed in the diffuser, which may

indicate improved mixing and more intensive condensation.
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Figure 11.26. The influence of mixing chamber length Lmix on the steam volume fraction distribution.

The influence of mixing chamber length on the pressure and temperature distributions
is presented in the Appendix (Figure A. 12 and Figure A. 13).

A summary of the conducted research on the impact of mixing chamber length on
thermal—flow performance is presented in Table 11.7, which shows non-dimensional
parameters and generated suction pressure for analyzed cases. Shortening the mixing
chamber length or removing the diffuser negatively affects condensation efficiency,
generated suction pressure, and compression ratio. Reducing the length by 500 mm
decreases condensation efficiency by 20.7 percentage points, whereas increasing it by

a similar amount improves efficiency by 28 percentage points.

Table 11.7. Comparison of the ejector condenser performance based on non-dimensional parameters and
generated suction pressure for various mixing chamber lengths Lyix.

Mixing

chamber Srllztsl::e Compression Expansion en tei\t/;?fnsmen ¢ Condensation
length P ratio CR ratio ¢ . 3 efficiency #, %
Lax. mm Psuc, bar ratio ER(x107)
9
550 0.99 1.01 13.71 29.51 42.0
800 0.98 1.01 13.79 29.51 52.4
1050* 1.00 1.02 13.56 29.51 22.0
1050 0.97 1.03 1391 29.51 62.7
1300 0.95 1.05 14.21 29.51 74.4
1550 0.92 1.10 14.65 29.51 90.7
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11.6. Analysis of mixing chamber diameter

The cross-sectional averaged pressure along the flow path for various mixing chamber
diameters is presented in Figure 11.27. A reduction in the mixing chamber diameter leads
to a noticeable deterioration in the pressure recovery of the ejector. In particular,
significant pressure losses are observed within the mixing chamber for 20 mm diameters.
Increasing the mixing chamber diameter slightly elevates the pressure profiles in the
suction and mixing chambers. Significant differences between various mixing chamber
diameters are observed in Figure 11.28, which presents the influence of mixing chamber
diameter on the cross-sectional averaged velocity along the flow path. Reduced mixing
chamber diameters are associated with a considerable increase in the average velocity of
the two-phase mixture. For the 20 mm diameter, the velocity in the mixing chamber
reaches values between 45 m/s and 50 m/s, in contrast to 25-30 m/s observed for the
basic diameter of 25 mm. Increasing the mixing chamber diameter reduces the mixture
velocity, although the magnitude of this change is less significant than in the case of
diameter reduction. Velocity distribution within the diffuser is largely unaffected,

particularly in its second half.
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Figure 11.27. The influence of mixing chamber diameter Dyix on the cross-sectional averaged
pressure along the flow path.
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Figure 11.28. The influence of mixing chamber diameter Dmix on the cross-sectional averaged
velocity along the flow path.

The cross-sectional mass-averaged temperature along the flow path for various
mixing chamber diameters is presented in Figure 11.29. The lowest temperatures in the
diffuser region are observed for the 20 mm configurations, with outlet values around
50°C. Increasing the diameter has only a minor impact on the cross-sectional averaged
temperature distribution. The outlet temperatures for the basic case (25 mm) and the
configurations with larger diameters are nearly the same, approximately 54.6°C.

The cross-sectional averaged steam mass flow along the flow path for various mixing
chamber diameters is presented in Figure 11.30. Even though the change in the mixing
chamber diameter does not directly affect the steam mass flow rate within the mixing
section, noticeable differences are observed at the diffuser outlet. Increasing the diameter
results in less steam in the outlet mixture. The steam mass flow for the increased
diameters ranges from 2.6-2.7 g/s, whereas for the reduced diameters, it is between 3.3
and 3.5 g/s. For the basic design (25 mm), the outlet steam mass flow is approximately
3.1 g/s, suggesting improved thermal performance for the configurations with increased
diameters. This improvement occurs mainly in the final part of the mixing chamber and

in the diffuser region, where the influence of the geometric modifications is most evident.
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Figure 11.29. The influence of mixing chamber diameter Dmix on the cross-sectional mass-averaged
temperature along the flow path.
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Figure 11.30. The influence of mixing chamber diameter Dwix on the cross-sectional averaged steam
mass flow along the flow path.

The velocity distribution for various mixing chamber diameters is presented in Figure
11.31. In the basic design and in the cases with increased diameter, a typical velocity
contour for liquid-driven ejector operation is observed, with the highest velocity

119



occurring along the axis where the liquid jet is present. In contrast, for the reduced
diameters, the velocity distribution becomes more uniform, with generally higher values

across the entire cross-section.

d,i= 20 mm
-— f‘
d,= 20 mm*
do= 25 mm
dpi= 30 mm
di= 30 mm*
Velocity, m/s
0.0 36.5 60
e |

Figure 11.31. The influence of mixing chamber diameter Dyix on the velocity distribution.

The influence of mixing chamber diameter on the temperature distribution is
presented in Figure 11.32. When the mixing chamber diameter increases, the temperature
difference between the hot gases and the cooling water persists over a longer distance.
For the reduced diameter, the mixing process occurs significantly faster. Despite these
differences, in the second half of the mixing chamber, all configurations reach

a homogeneous temperature profile of similar value.
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Figure 11.32. The influence of mixing chamber diameter Dyiix on the temperature distribution.

The figures illustrating the influence of mixing chamber diameter on the pressure,
steam volume fraction, and condensation rate distributions are provided in the Appendix

(Figure A. 14, Figure A. 15, and Figure A. 16, respectively).
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The investigation of the influence of mixing chamber diameter on the overall
performance of the ejector is summarized in Table 11.8, based on a comparison between
non-dimensional parameters and the generated suction pressure. Increasing the diameter
from 25 mm to 30 mm improves condensation efficiency by 4.1 to 5.4 percentage points,
depending on the specific configuration. Reducing the diameter deteriorates both thermal

and flow performance.

Table 11.8. Comparison of the ejector condenser performance based on non-dimensional parameters and
generated suction pressure for various mixing chamber diameters Dwix.

Mixing Suction Mass
chamber Compression Expansion . Condensation
. pressure . . entertainment .
diameter ratio CR ratio & . 3 efficiency #, %
Dsuc, bar ratio ER (x107)
Dwix, mm
20 0.99 1.00 13.65 29.51 579
20* 0.99 1.00 13.65 29.51 59.8
25 0.97 1.03 13.91 29.51 62.7
30 0.97 1.03 13.89 29.51 68.1
30* 0.97 1.03 13.93 29.51 66.8
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12. Analysis of the modeling results for the final geometrical

model

Based on the results from numerical investigations, insights from experimental
research, and constraints related to the operating environment in the negative CO;
emission gas power plant, the final nLPL geometrical model was developed. The
corresponding dimensions are provided in Table 4.1 (page 29).

Similar submodels and model settings, selected based on literature review and
previous numerical analyses, were applied in computational models using the newly
developed geometry. The boundary conditions applied in the analysis of nLPL
geometrical model are specified in Table 7.3 (page 55). A mesh independence study was
conducted to ensure that the solution was independent of mesh density. The properties of
the investigated meshes and the final selected mesh are presented in Table 7.2 (page 52).
The results, expressed as the relative change in non-dimensional performance parameters
and outlet temperature due to mesh refinement, are summarized in Table 12.1. The
number of mesh elements was increased by a constant factor of 1.6. The mesh with
860784 elements was selected, as the variation in parameters due to further refinement

was below 2% compared to the previous mesh.

Table 12.1. Mesh independence study for the nLPL geometrical model: relative variation of non-
dimensional performance parameters and outlet temperature due to mesh refinements.

Relative variation due to mesh refinements, %

Number
of . . Mass Outlet
Compression  Expansion entertainment temperature
elements ratio & ratio @ . P
ratio om To
80205 - - - -
130016 29 29 0.6 0.0
208323 3.7 3.7 0.1 0.0
335754 9.7 19.8 0.5 0.1
537990 3.8 3.8 0.3 0.0
860784 1.7 1.7 0.4 0.0
1376335 1.4 1.3 0.1 0.1

The final results for the developed nLPL geometry, compared with experimental data,
are summarized in Table 12.2. The obtained compression ratio of 1.13 at a suction
pressure of 0.94 bar indicates satisfactory flow performance. The calculated error is 6.3%

for the mass entrainment ratio and below 1% for the remaining parameters, confirming
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that the model accurately predicts the operation of ejector with the nLPL geometrical

configuration.

Table 12.2. Performance results of the nLPL geometrical model predicted by the CFD analysis, with
reference values from the experiment.

. Mass
Suction Outlet . . .
Compression Expansion entertainment

Case pressure temperature . . .

b T K ratio CR ratio & ratio ®m

Psuc, Dar outs (X10'3)
CFD 0.94 312.6 1.13 16.99 18.8
Exp. 0.95 315.2 1.14 16.84 20.0
Ef;"r’ 0.9 0.8 0.2 0.9 6.3
0

The thermal performance of the developed model can be evaluated by analyzing steam

mass flow and the corresponding condensation efficiency along the flow path, as

presented in Figure 12.1. The results confirm that the steam is fully condensed at the

ejector outlet. Similarly to the LPL geometrical model, the most intensive condensation

occurs in the diffuser region.
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Figure 12.1. Steam mass flow and condensation efficiency along the flow path
for the nLPL geometrical model.
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The velocity scalar field for the final geometrical model is presented in Figure 12.2.
region. A high-velocity region (40—-60 m/s) is observed along the axis, reaching peak
values within the diffuser. This region forms a jet and expands downstream, spreading
radially as it progresses through the mixing chamber. Figure 12.3 shows the temperature
distribution for the nLPL geometrical model. Although the gas experiences limited
cooling through most of the mixing chamber, a uniform temperature distribution is

achieved near the diffuser outlet, indicating effective mixing and condensation.
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Figure 12.2. Velocity distribution for the nLPL geometrical model.
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Figure 12.3. Temperature distribution for the nLPL geometrical model.

The condensation rate distribution presented in Figure 12.4 indicates, that
condensation occurs mainly along the axis region and in the second half of the diffuser.
The highest condensation rates are observed near the axis, where the water jet is present,
while in the diffuser, moderate values are reached but over a larger volume. The water
and COz volume fraction distributions are presented in the Appendix (Figure A. 17 and

Figure A. 18).
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Figure 12.4. Condensation rate distribution for the nLPL geometrical model.
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13. Summary

The thesis concerns the numerical investigation of multiphase, turbulent flow with
heat transfer and condensation in a spray-ejector condenser. The ejector is one of the key
components of a negative CO, emission gas power plant, responsible for entraining
exhaust gases and condensing the steam. The study aimed to develop a reliable numerical
model of a liquid-driven, two-phase ejector, incorporating the effects of direct contact
condensation in the presence of an inert gas (CO2). The model provides insight into the
thermal and flow phenomena and enables the evaluation of condensation efficiency under
various operating conditions. Finally, the modeling results supported the refinement of
the ejector geometry to enhance steam condensation performance.

The literature review on ejector operation and modeling techniques highlighted gaps
in understanding physical phenomena and limitations of existing computational models.
Currently, most studies focus on gas-driven, two-phase ejectors operating in supersonic
regimes with spontaneous condensation, typically applied in refrigeration systems. While
the available modeling techniques are well established for such applications, they are not
tuned for liquid-driven, two-phase ejectors with direct contact condensation occurring in
the presence of CO:. The review enabled the identification of promising models that, after
appropriate calibration, can accurately capture the complex phenomena in the spray-
ejector condenser.

The axisymmetric, steady-state CFD model was developed using Simcenter Star-
CCM+ software, based on the Finite Volume Method. The two-phase, three-component
flow was simulated using the Mixture model based on the Euler—Euler approach. The
Realizable k-¢ model was applied to account for turbulence. Direct contact condensation
was computed using the thermally-driven model, in which the condensation mass flow
rate is determined from the local heat balance. A modified Armenante—Kirwan
formulation of the Ranz—Marshall correlation for the Nusselt number was employed to
reflect the effects of turbulent heat transfer on water droplets. The impact of carbon
dioxide on the condensation intensity was considered indirectly by reducing the local heat
transport coefficient as a function of CO2 volume fraction.

The impact of boundary conditions, including both their type and specified values, on
ejector performance and model robustness was examined. The assumed pressure at the
gas inlet strongly affects the exhaust gas flow rate and, consequently, pressure

performance and condensation intensity. The presence of CO; in the exhaust gas mixture
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delays the condensation process. Several combinations of pressure and velocity boundary
conditions were tested at the gas and water inlets. Under the examined operating
conditions, model predictions were most affected by the gas inlet specification. Applying
a velocity boundary condition at the gas inlet provided more physically consistent results.

To calibrate the developed model, a sensitivity analysis of the key submodels and
model settings was performed. The study was preceded by a comprehensive mesh
independence analysis, which included evaluating flow variable profiles, non-
dimensional performance parameters, and mesh quality indicators. The assumed droplet
diameter and the applied Nusselt Number significantly influenced the condensation
efficiency. Several RANS-based turbulence models were tested, and their impact was
primarily limited to the pressure distribution. Applying a third-order discretization
scheme for the temperature solver led to more reliable thermal predictions.

The performance of the spray-ejector condenser for the basic geometrical
configuration was evaluated using the calibrated CFD model, and the results were verified
against experimental data. Three operating scenarios were considered, including nominal
conditions, increased CO> mass content, and reduced exhaust gas flow rate. Good
agreement with the experimental results was observed, with the relative errors below 16%
for the expansion ratio and below 4% for the remaining parameters. The determined
condensation efficiency ranges from 61.5% to 83.9%, with the lowest value
corresponding to the nominal point.

To improve the condensation efficiency, an analysis of the influence of selected
geometrical parameters of the motive nozzle and mixing chamber on scalar fields and
overall performance indicators was conducted. Lengthening the mixing chamber and
increasing its diameter significantly improved both condensation efficiency and the
achieved compression ratio. A similar effect was observed when the motive nozzle
diameter was increased under constant water pressure at the motive inlet. For the
remaining parameters and configurations, the impact on performance was negligible.

The final geometrical model was developed based on numerical results, experimental
insights, and operational constraints. The improved ejector geometry ensures complete
steam condensation and generates moderate suction pressure (0.94 bar). The relative error
of predicted parameters did not exceed 6.3 %. As the achieved performance met the
requirements, the developed solution was implemented in a gas power plant with negative

CO; emissions.
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Appendencies

Appendix A: Supplementary scalar fields
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Figure A. 1. The influence of suction pressure on the pressure distribution in the spray-ejector condenser.
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Figure A. 2. Pressure distribution at different exhaust gas contents.
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Figure A. 3. Velocity distribution at different exhaust gas contents.
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Figure A. 4. Distribution of water volume fraction for different operating conditions OP1-OP3 (exhaust
gas mass flow rate, temperature, CO; mass content).
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Figure A. 5. Distribution of CO, volume fraction for different operating conditions
OP1-OP3 (exhaust gas mass flow rate, temperature, CO, mass content).
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Figure A. 6. The influence of motive nozzle diameter Dwn 2 on the velocity distribution
(velocity b.c. at the water inlet).
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Figure A. 7. The influence of motive nozzle diameter Dyn_» on the temperature distribution
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Figure A. 8. The influence of motive nozzle diameter Dyn_» on the condensation rate distribution
(velocity b.c. at the water inlet).
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Figure A. 9. The influence of motive nozzle diameter Dun_ 2 on the velocity distribution
(pressure b.c. at the water inlet).
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Figure A. 10. The influence of motive nozzle diameter Dy > on the temperature distribution
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Figure A. 11. The influence of motive nozzle diameter Dmn » on the condensation rate distribution
(pressure b.c. at the water inlet).
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Figure A. 12. The influence of mixing chamber length Lyvix on the pressure distribution.
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Figure A. 13. The influence of mixing chamber length Lmix on the temperature distribution.
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Figure A. 14. The influence of mixing chamber diameter Dyix on the pressure distribution.
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Figure A. 15. The influence of mixing chamber diameter Dyvix on the steam volume fraction distribution.
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Figure A. 16. The influence of mixing chamber diameter Dmix on the condensation rate distribution.
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Figure A. 17. Water volume fraction distribution for the nLPL geometrical model.
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Figure A. 18. CO; volume fraction distribution for the nLPL geometrical model.
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Appendix B: Additional axial profiles

40 1 L 1 1 L 1 1 1
35 -
30 M B
© | |
£ '
= 25 ; L
G
o
S ‘f i
15 S J —=— Realizable k-g| [-
l e k-w
—a— k- SST
107 +— RSM I
0.0 0.2 0.4 0.6 0.8 1.0 1.2

Length, m

Figure B. 1. The influence of the turbulence model on the cross-sectional velocity
along the flow path.
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Figure B. 2. The influence of the turbulence model on the cross-sectional steam mass flow
along the flow path.
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Figure B. 3. The influence of the numerical convection scheme on the cross-sectional velocity
along the flow path.
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Figure B. 4. The influence of the numerical convection scheme on the cross-sectional
steam mass flow along the flow path.
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Figure B. 5. The influence of nozzle configuration on the cross-sectional mass-averaged temperature
along the flow path.
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Figure B. 6. The influence of nozzle configuration on the cross-sectional averaged steam mass
flow along the flow path.
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